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Abstract 

The heat transfer from a hot primary flow stream passing over the outside of an airfoil shaped 

strut to a cool secondary flow stream passing through the inside of that strut was studied 

experimentally and numerically.  The results showed that the heat transfer on the inside of the 

strut could be reliably modeled as a developing flow and described using a power law model. 

The heat transfer on the outside of the strut was complicated by flow separation and stall on the 

suction side of the strut at high angles of attack.  This separation was quite sensitive to the 

condition of the turbulence in the flow passing over the strut, with the size of the separated wake 

changing significantly as the mean magnitude and levels of anisotropy were varied.  The point of 

first stall moved by as much as 15% of the chord, while average heat transfer levels changed by 

2-5% as the inlet condition was varied.  This dependence on inlet conditions meant that 

comparisons between experiment and steady RANS based CFD were quite poor.  Differences 

between the CFD and experiment were attributed to anisotropic and unsteady effects. 

The coupling between the two flows was shown to be quite low - that is to say, heat transfer 

coefficients on both the inner and outer surfaces of the strut were relatively unaffected by the 

temperature of the strut, and it was possible to predict the temperature on the strut surface quite 

reliably using heat transfer data from decoupled tests, especially for CFD simulations. 
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Chapter 1 

Introduction 

Gas turbine exhaust systems can be designed to achieve a number of secondary goals.  In naval 

applications, the ability to ventilate the engine compartment and other areas of the hull is often 

important.  Helicopter and fixed wing exhaust systems are often used to reduce or to redirect 

engine noise.  In dusty environments, the exhaust flow may be used to help draw the inlet flow 

around corners to reduce foreign object ingestion.  They commonly involve annular diffusers, 

which have been studied extensively in the literature [1],[2],[3]. 

In many military applications a key requirement is the suppression of the vehicle’s infrared heat 

signature.  Exhaust velocities of up to 150 m/s with temperatures up to 500°C are typical.  Most 

exhaust systems passively entrain cooling air into the flow.  Depending on the intake design, this 

cooling air can provide film or effusion cooling to hot metal surfaces, or simply bulk plume 

cooling.  The geometry of the exhaust is often configured in such a way that the line of sight into 

the last turbine stage, which is very hot, is completely obstructed.  This typically involves the 

installation of a centrebody, the weight of which must be supported by struts. 

These struts are typically airfoil shaped, since this reduces form drag and parasitic loss.  These 

struts must be hollow, however, since the centrebody must also be cooled, and the only way to 

supply cooling air is through the support struts.  With the flow over the outside of the airfoil 

being hot and the flow through the airfoil being cool, significant thermal gradients are created 

both through the strut thickness and laterally along the surface, and the effect of these gradients 

must be considered during design, especially as they relate to induced thermal stresses. 
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1.1 Motivation 

Thermal expansion of the struts during operation and associated thermal stresses are often 

accounted for by making the struts in two parts which are inserted into each other, and are free to 

slide during operation.  While this eliminates the stress problem, the sliding often results in 

excessive wear and premature component failure.  For this reason, there is a desire to simply weld 

or rivet the airfoil struts in place.  Doing this properly requires an extensive knowledge of the 

temperature distributions through the device, however, since thermal stresses must be known 

quite accurately in order to properly compensate for the expansion during service.  Poorly 

designed struts can crack, bend, and even catastrophically fail, releasing the centrebody and 

ejecting it from the aircraft. 

1.2 Objective 

This industrial problem drives a desire to better understand the heat transfer through these struts 

and to determine if it is possible, and if so, how it is possible to use commercial CFD codes with 

modest computational grids to model these types of problems.  Convective heat transfer to a solid 

wall in a complex geometry is a complicated problem requiring highly resolved boundary layers, 

and there is a desire to understand what level of computational expense is needed to solve these 

types of flows.  The objective of this work was to determine whether commercial CFD packages 

could be used with modest computational domains to accurately calculate temperature 

distributions over the strut surface, and if not, why this was the case. 
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1.3 Scope 

The present work considers a single geometry that blows hot air through a rectangular test 

section.  An airfoil strut, typical of those found in commercial exhaust systems, was installed in 

the duct and rotated in 10° increments to achieve a range of angles of attack.  This rig was 

attached to the Queen's Hot Gas Wind Tunnel (HGWT), and the range of achievable primary 

mass flow, enthalpy flow, temperature, Mach Number, and Reynolds numbers was therefore 

limited to what could be generated by this wind tunnel.  The range of secondary flows that could 

be generated was also limited by the blower that was used to generate the secondary flow – the 

cool flow through the inside of the airfoil.  Neither blower was capable of producing high Mach 

number flow, so the study was limited to incompressible flow.  The majority of measurements 

were limited to time averaged measurements by the available instrumentation.  Some transient 

testing was performed, but the data obtained during this testing was window-averaged, as the 

frequency response of the instrumentation was insufficient to capture instantaneous transients.  A 

limited amount of unsteady data was also collected with a uniaxial hot-wire anemometer. 

The computational programme was performed using ANSYS Fluent 15.0, a commercially 

available RANS-based CFD code.  Grids were generated using ICEM 15.0, while the solution 

process was performed using Fluent 15.0.  The study was limited to steady-state RANS based 

models with modest computational cost (solvable with fewer than 16 processors and 96 GB of 

RAM). 

This study was limited to a study of the fluid flow, and the calculation of wall temperature 

distributions.  The calculation of thermal stresses from temperature distributions was not 

considered in the present work.   
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1.4 Contributions 

This study was an applied research project, and thus the contributions of the work focused on 

topics of industrial interest.  The contributions of this work included, in no particular order: 

• A discussion of the coupling between the flow on the inside and outside of the strut, and 

an evaluation of the efficacy of models using the results from decoupled simulations and 

experiments to predict strut temperature distributions; 

• Experimental quantification of the effect of different inflow turbulence conditions on the 

heat transfer and flow around this strut; 

• Quantification of the effects of radiative heat transfer on calculated surface temperatures, 

as well as the effect of radiation and reflections on the accuracy of infrared images; 

• Developing and implementing a simple procedure for determining the effect of view 

angle on surface emissivity; and 

• Describing and implementing a procedure and methodology for measuring convective 

heat transfer rates using a unique combination of existing methods 

• Developing, implementing and solving all of the equations and models described herein 

from the ground up in MATLAB 
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Chapter 2 

Theory and Literature Review 

A solid model of the apparatus that was used in the present work is shown in Figure 2-1.  The 

primary (hot) flow entered the duct from the left and flowed over the airfoil, exiting to 

atmosphere through the rectangular outlet.  The secondary (cold) flow entered the strut from the 

bottom, and was sucked out the top through a plenum attached to the suction side of a smaller 

blower.  The airfoil was rotated to create a range of angles of attack, simulating the effect of 

swirling flow in the exhaust. 

 

 

Figure 2-1: Assembled Test Apparatus 

This section presents a discussion of several flow phenomenon and factors that played significant 

roles in the performance of the device, as well as a discussion of the relevant theory and prior 
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work that has been undertaken in the study of similar flows.  This section introduces the 

vernacular and the theory that forms the basis for the contributions of the present work. 

2.1 Flow Around Struts 

Centrebodies are supported by struts for a number of reasons, including the provision of cooling 

air and oil.  The presence of these struts can have a significant effect on the mean flow.  Previous 

studies have shown that wakes from struts can persist a significant distance downstream, and that 

the effect of the transverse pressure gradients may persist well downstream.  There are typically 

no radial pressure gradients resulting from the installation of struts [1].  The shape of a strut 

effects not only the overall pressure recovery [4], but also the magnitude and frequency of 

acoustic emissions [5].  This suggests that properly capturing flow separation on the suction side 

of an airfoil shaped strut, which is a strong determinant of parasitic loss and shear layer size, is 

important in the study of airfoil struts. 

2.2 Flow Over an Airfoil 

An airfoil shape is designed to create flow turning, which in turn generates a lifting force.  The 

geometry of an airfoil is designed such that the local flow acceleration over the surface of the 

airfoil reduces pressure on the suction (top) side, and increases pressure on the pressure (bottom) 

side of the airfoil, generating a net lift force.  Typical streamlines and pressure coefficients for the 

flow over a typical airfoil are shown in Figure 2-2 [6]. 
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Figure 2-2: Streamlines and Pressure Coefficients over an Unstalled Airfoil 

In terms of the forces on an airfoil, lift and drag forces result from pressure forces and frictional 

forces.  At low angles of attack lift is mainly the result of pressure forces, while drag is mainly 

driven by skin friction.  At high angles of attack, the adverse pressure gradient on the leeward 

side of the airfoil causes the flow to separate, which drastically reduces lift and causes a moderate 

increase in pressure drag [7].   

The wake behind an airfoil is typically asymmetric, and the asymmetry in the wake has been 

shown to be important for at least 1.5 chord lengths downstream [8].  It has also been shown that 

the numerical prediction of this wake can be difficult.  The Spalart-Allmaras, k-ω SST, and v
2
-f 

models are generally preferred over k- ε models for airfoil flows, since the k- ε family of models 

have been shown to produce excessive turbulent kinetic energy around the leading edge 

stagnation point, which delays the predicted onset and magnitude of stall [9], [10].  There is no 

clear consensus in the literature on the best model to use for steady RANS modeling of airfoil 

flows [11], [12], and it is therefore suggested that a variety of models be considered for each 

particular problem. 
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The flow over the airfoil is considered to be stalled when the flow begins to separate from the 

trailing edge of the suction side of the airfoil.  As the angle of attack is gradually increased 

beyond the point where maximum lift is achieved, the size of the recirculation in the wake 

increases.  The point of first stall was defined for the purposes of this work as the chord location 

on the suction side where the time averaged wall shear stress was zero.  For this work, a moderate 

separation condition was defined as one where the point of first stall was greater than Z/c = 5% - 

that is, the flow was stalled, but there was some attachment on the suction side.  A massive 

separation condition was defined as one where the point of first stall was before 5% chord - that is 

to say, the airfoil was acting as a bluff body and the suction side was providing negligible flow 

guidance. 

2.3 Wall-Airfoil Interfaces 

The interface between the wall and the airfoil strut is of particular interest because the boundary 

layer over the airfoil and that of the wall interact strongly.  Separation due to the adverse pressure 

gradient on the aft end of the airfoil is exacerbated by this boundary layer interaction, and 

pressure drag is increased due to the enlarged separated flow region [7].  As such, the thickness of 

the wall boundary layer is important in determining interface drag. 

The interaction between the outer wall boundary layer and the streamwise pressure gradient 

created by the deceleration of flow approaching the strut leading edge also generates horseshoe 

vortices.  These vortices begin to roll up just upstream of the leading edge of the airfoil, and grow 

as they advect downstream, eventually passing into the wake.  These vortices can have a 

significant impact on local skin friction and heat transfer [13].  In turbulent flows, these vortices 

are highly unsteady,  and depending on the Reynolds number, there may be 2, 4, or even 6 vortex 



 

 9 

pairs [13].  The incoming boundary layer thickness may be important in determining the number 

of pairs [14], though it is thought that Reynolds number is the more significant parameter [15]. 

2.4 Flow in Non-Circular Ducts 

It is well known that the flow in a non-circular duct will contain significant secondary flows, 

especially near corners.  These circulations are the result of turbulence anisotropy caused by the 

suppression of wall-normal velocity fluctuation close to each of the walls.  These vortices result 

in increased wall shear stress, as well as increased heat transfer rates in corners [16].  Standard 

two-equation turbulence models, which are grounded in an isotropic turbulence assumption, can 

therefore not calculate these secondary flows and their calculation requires more advanced 

turbulence models [17].   Non-linear 2-equation models [17], [18] are capable of doing this, but 

can be numerically unstable in complex geometries.  The proper modeling of secondary flows 

therefore requires a numerically stable turbulence model that does not assume isotropic 

turbulence, such as a full Reynolds Stress Model. 

The time-averaged turbulent structures that are created by the interaction between the walls 

appear as pairs of counter-rotating vortices in each corner.  These vorticies do not coherently exist 

at any point in time, rather they represent the average effect of the suppression of one velocity 

component creating the near-wall anisotropy.  In terms of coherent structures, streamwise 

vorticies are relatively infrequent compared to in-plane horseshoe vortices [19].  Mean secondary 

flow structures in a typical rectangular duct are shown in Figure 2-3. 
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Figure 2-3: Secondary Flow Structures in a Turbulent Channel Flow [18] 

The characteristics of the secondary flows are changed somewhat when the geometry is changed 

– that is, characteristic secondary flow will be somewhat different when the duct is oblong 

compared to when it is square, for example.  It has been shown that the secondary flow in a semi-

circular duct is characterized by two pairs of corner vortices, where the vortices closest to the 

chord of the semicircle are more powerful [20]. 

In terms of heat transfer, the secondary corner circulations can have a significant effect on local 

heat transfer rates.  The shape of the duct can play a role in the size of the vortices – that is, as the 

aspect ratio of the duct is increased, both the size and intensity of the secondary vortices are 

affected.  Increasing the aspect ratio of the duct increases the power of the vortex along the longer 

wall, and decreases the power of the vortex along the shorter wall.  This results in thinner thermal 

boundary layers, and higher heat transfer rates along the major wall [21].  This increases thermal 
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gradients, which lead directly to increased thermal stresses.  In the context of airfoil shaped ducts 

then, the choice of airfoil shape plays a significant role in the heat transfer rate and distribution. 

The airflow through the strut issues into the centrebody, and at the exit plane of the strut, it 

encounters a sudden expansion, and the flow becomes similar to that of a free-wall jet.  The wake 

of this jet will have some influence on the heat transfer on the inside of the centrebody, and is 

therefore deserving of some discussion.  It has been shown that in non-circular jets, entrainment 

and centerline decay can be strongly influenced by the vortical structures of the jet, which are 

determined by its shape [22].  Entrainment is significantly increased in the wake of a non-circular 

jet.  This occurs due both to the increase in magnitude, and to the deformation of the shape of the 

azmuthal ring vortices that are known to exist in the jet near wake.  This again confirms the 

importance of properly capturing and modeling the distributions of turbulent properties within the 

strut. 

2.5 RANS Based CFD and Turbulence Modeling 

A steady state RANS approach was used in the present work.  The Navier-Stokes equations are 

highly non-linear, and highly deterministic.  Physically, turbulent fluid flow is highly chaotic and 

unsteady, and the exact solution of the governing equations requires the consideration of all eddy 

scales down to that which turbulent kinetic energy is dissipated to heat.  This is extremely 

computationally intensive, and is currently possible only in low Reynolds number flows.  RANS 

averaging simplifies the governing equations by considering the instantaneous velocity 

throughout the domain as two components – a steady component, and a fluctuating component.  

This representation gives rise to a somewhat simplified version of the governing equations, where 

the convective and source terms depend only on the mean velocity component.  The diffusion 

term is more complicated because a rearrangement of the terms gives rise to a set of stresses that 
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are termed the Reynolds Stresses – the 6 products of each pair of three fluctuating velocity 

components (in two-dimensional flows, only 3 Reynolds stresses are considered).  The exact 

calculation of these stresses requires a direct unsteady simulation of all eddy scales, and is not 

practical nor affordable for many engineering purposes. 

There are two main approaches to close these stress terms.  The first is to model the stresses 

directly using a Reynolds Stress model (RSM).  The second is to model the effect of the Reynolds 

stresses rather than calculating them directly.  In 1877 Boussinesq proposed [23] that if the 

Reynolds stresses scaled with mean strain rates, then an effective eddy viscosity could be defined 

such that the effect of the Reynolds stresses was to augment diffusion - so the effect of the 

fluctuations could be thought of as turbulent diffusion.  The Reynolds stresses were modeled as 

being proportional to the mean rate of strain and an effective viscosity as described below, where 

k represents the total turbulent kinetic energy: 
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The present work used ANSYS Fluent 15.0 to discretize and solve the governing equations, which 

conserve mass, momentum, and energy.  The steady three-dimensional RANS-averaged 

governing equations for use with an eddy viscosity model are as follows: 

0=
∂

∂

i

i

x

u
 (2-2) 

( )
jj

j

T

ji

j

i
x

P

x

u

xx

u
u

∂

∂
−













∂

∂
+

∂

∂
=

∂

∂
υυ  (2-3) 













∂

∂








+

∂

∂
=

∂

∂

jT

T

ji

i
x

T

xx

T
u

σ

υ
υ  (2-4) 

 



 

 13 

In the above equations, u represents the mean velocity components, P represents the pressure, T is 

the flow temperature, x is the appropriate grid coordinate, υ is the kinematic viscosity, and υT is 

the effective turbulent eddy viscosity.  σT is the thermal turbulent Prandtl number, which relates 

the turbulent diffusion of thermal energy to momentum, and is dependant on the working fluid.  

For air in the present work, the thermal turbulent Prandtl number was taken as 0.89. 

While the Boussinesq approximation simplifies the governing equations, it requires the solution 

of additional model equations to calculate this turbulent viscosity term.  This requirement poses 

several problems: the first is fundamental to the Boussinesq approximation, and is that the eddy 

viscosity is a scalar.  Calculation of the eddy viscosity requires an assumption that the principal 

axes of the strain rate tensor and the Reynolds stress tensors are aligned, which implies that 

turbulence is isotropic.  This is a reasonable approximation in many engineering flows, however 

high anisotropy is observed near solid walls and in very powerful shear layers, such as very close 

to a jet outlet [24], so the use of a scalar eddy viscosity is limiting [25]. 

Turbulence modeling requires describing turbulence using a limited number of parameters.  Two 

equation models are very popular (k-ε and k-ω models, for example), but necessarily assume that 

the effect of turbulence at a location can be adequately described using only two numbers, which 

is fundamentally insufficient [26].  Four equation models such as the v
2
-f model include 

additional scalars, giving 4 parameters by which the effects of turbulence can be described.  The 

v
2
-f model specifically includes terms which model near-wall anisotropy and sensitize turbulent 

viscosity to the effects of this anisotropy (although the eddy viscosity is itself still isotropic), 

which improves model performance in boundary layer flows [27]-[33].  The issue of the number 

of parameters required to describe a turbulent flow remains a subject of ongoing research with no 

clear resolution in the literature. 
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The issue of the number of parameters required to describe turbulence is compounded by the idea 

that not all eddies in a flow affect the flow over a body in the same way.  Considering the flow 

over an airplane wing in the upper atmosphere, for example, the flow over the wing itself is most 

sensitive to eddies on the scale of the wing boundary layer thickness - a length scale of a few 

centimeters.  But a description of the turbulence condition in the upper atmosphere using only 

two parameters (typically turbulent kinetic energy (TKE) and a measure of dissipation) would 

include the total TKE at all length scales - the largest (and most powerful of which) would have a 

length scale on the order of hundreds of meters.   While these very large eddies certainly cause an 

unpleasant ride (what we colloquially call "turbulence" when we ride an airplane), these massive 

eddies have very little effect on the flow over the wing itself.  In this scenario then, there would 

clearly be a desire to introduce some cutoff, or some percentage of the measured TKE to consider 

important, but the definition of such a universal cutoff is not straightforward and is the subject of 

ongoing research [26],[34],[35]. 

Despite these fundamental challenges, a number of turbulence models are in widespread use, and 

provide reasonable results for a range of important engineering flows.  The above discussion of 

limitations and shortcomings of turbulence models is meant to underscore that these models are 

based on a number of assumptions, and that the practical application of results obtained using 

these models depends on these assumptions being reasonable in the particular real world 

application.  These limitations also highlight the importance of choosing suitable boundary 

conditions, especially in terms of understanding the physical mechanisms driving the turbulence, 

and specifying values that reflect those mechanisms. 
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For brevity, only turbulence models used in the present work are discussed here.  All of the 

models discussed here were available in ANSYS Fluent, and the exact equations that are solved 

are therefore omitted since they are widely available in the Fluent documentation [36]. 

2.5.1 Spalart-Allmaras (1-equation) 

The Spalart-Allmaras (SA)  model is an heuristic one-equation model that solves a single 

transport equation for eddy viscosity [37].  The model is empirical, and is based on data from thin 

free shear layers over airfoils and other aerodynamic components, so it is often difficult to justify 

the results of simulations of other types of flows from a flow physics perspective.  The 

implementation in Fluent is y
+
 insensitive at the wall, as a blending function is used to impose the 

known form of the viscous sublayer and the buffer layer.  This model therefore requires a refined 

boundary layer, with the cell nearest the wall having a y
+
 on the order of unity to properly resolve 

the viscous sublayer. 

In the original form of the SA model, the production is formulated as a function of the distance 

from the wall and the magnitude of the vorticity.  This formulation was used because the model 

was intended for use with irrotational thin-shear flows, where strain rate and vorticity are equal.  

It also eliminates an overproduction of turbulent energy at a stagnation point that is characteristic 

of k-ε models (see Section 2.5.2) – at a stagnation point, vorticity is 0, while the strain rate is 

high.  While this is advantageous in thin shear flows with stagnation points (such as airfoils), it 

can lead to significant errors in the calculation of vortex flows [38] where vorticity is high, but 

turbulent activity is suppressed by the vortex [39].  This led to the development of an alternative 

formulation of the turbulent viscosity, where a second term is added.  This second term can 

reduce the production of turbulent viscosity, and is only active in regions where the vorticity is 
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larger than the strain rate.  When the difference between the magnitudes of the strain rate and 

vorticity is negative, turbulent production is suppressed, eliminating some of the problems 

associated with the calculations of vortical flows [38]. 

2.5.2 Standard k-ε (2-equation) 

The standard k-ε model was initially proposed in 1972 [40], and includes two scalar transport 

equations.  The TKE, k, and the dissipation, ε, are solved and used to calculate the turbulent 

viscosity.  In the standard formulation, the convective and source terms in the TKE equation are 

the only exact terms, all others, including the entire dissipation equation, are modeled.  The 

model has been shown to be applicable to a broad range of fully turbulent flows (eg [41]), and is 

quite economical, making it a popular model for industrial design applications [24]. 

2.5.2.1 Near Wall Models 

The main limitation of the standard k-ε model is in the determination of the most appropriate 

boundary condition for a solid wall. At a solid wall, the local turbulent Reynolds number 

approaches zero, and the effects of molecular viscosity become quite significant [42].  

Furthermore, the equations assume that the turbulence is isotropic, an assumption that is 

reasonable far from a solid wall, but invalid near the wall, where the presence of the wall 

suppresses the wall-normal fluctuation. 

A number of techniques are therefore proposed to deal with this limitation.  These techniques are 

described below and are all based on adherence to some form of the turbulent law of the wall, 

which describes the profile of a turbulent boundary layer.  The turbulent boundary layer, which is 

shown schematically in Figure 2-4 [43], is divided into three main parts.  The viscous sublayer, 

where the velocity profile is linear, exists for y
+
<5.  The logarithmic outer layer, where the 
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velocity profile is logarithmic, exists for y
+
>30.  The buffer layer, which connects the two for 

5<y
+
<30, has a profile that blends the two other layers, and as such does not take a well-defined 

form.  Wall models use the known form of the boundary layer in either the viscous sublayer or 

the logarithmic layer to create an appropriate boundary condition. 

 

Figure 2-4: Law of the Wall for a Fully Developed Flow 

2.5.2.1.1 Standard Wall Functions 

Wall functions are the least computationally intensive of the choices of wall boundary conditions, 

because they require the least boundary layer resolution.  The grid is designed so that the first 

wall-normal cell is placed within the logarithmic region, with a y
+
 of close to, but above 30.  The 

velocity at the first cell can then be determined using the logarithmic u
+
 equation.  The turbulent 

kinetic energy is assumed to have no net change at the wall, so the boundary condition for k 

becomes 0=
dy

dk
.  To have no net change, the production of k must be equal to the dissipation 

(ε), which leads to a boundary condition for epsilon [42]. 



 

 18 

The shortcoming of this wall treatment is that it can fail in complex flows with large separation 

and recirculation, impinging flows, and rotating and swirling flows, to name a few.  The model 

begins to fail when the flow deviates significantly from a fully developed flow, since the 

assumption of the form of the logarithmic layer can fail, especially when the first grid point is far 

from the buffer and logarithmic layer interface.  

2.5.2.1.2 Enhanced Wall Treatment 

Enhanced wall treatment is a term Fluent ascribes to the application of a one-equation model near 

solid walls.  It is also referred to as a two-layer model because different equations are applied in 

the viscous sublayer and the main flow.  A turbulent Reynolds number, using the distance from 

the wall as a length scale and the square root of the turbulent kinetic energy as a velocity scale is 

used to determine which equation is applied.  At a turbulent wall Reynolds number greater than 

200, the standard model equations are applied, while at lower Reynolds number, the one-equation 

model is applied.  The model that is implemented in Fluent is the Wolfshtein model [44].  A 

hyperbolic tangent blending function is used to blend the turbulent viscosity calculated by the two 

models to ensure continuity at the boundary.  The required grid resolution is higher than for wall 

functions because the viscous sublayer and the buffer layer are resolved using the one-equation 

model. 

2.5.2.1.3 Low-Reynolds Number Treatment 

Low Reynolds number treatment at the wall requires a reformulation of the turbulent governing 

equations that makes them valid throughout the locally turbulent and laminar regions.  The 

governing equations can then be integrated exactly to the wall, and there is no need for a wall 

model.  When the equations of a turbulence model are valid throughout the entire domain, the 
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model is said to be a “low Reynolds number” model.  The Spalart-Allmaras model (Section 2.5.1) 

and the k-ω shear stress transport (SST) model (2.5.3) are both low Reynolds number models.  

Low Reynolds number models are more computationally expensive than their modeled 

counterparts, because they require the complete resolution of the boundary layer. 

The low Reynolds number k-ε model that is implemented in Fluent is the model of Launder and 

Spalding [42].  Exponential damping functions that are based on the local turbulent Reynolds 

number are used to modify the terms in the governing equations to provide good accuracy in both 

the fully turbulent core flow and outer boundary layer, and in the laminar viscous sublayer. 

2.5.2.2 Realizable Modifications 

The realizable k-ε model is a modified version of the standard k-ε model.  There are two main 

modifications to the standard model – the first is a change in the formulation of the turbulent 

viscosity, and the second is to model dissipation in a different way. 

The reformulation of the turbulent viscosity is the change that makes the model realizable.  The 

fluctuating component of velocity, u’, can be calculated by combining the definition of eddy 

viscosity with the Bousinesq approximation.  It can be shown that in highly strained flows, using 

the standard formulation for turbulent viscosity, this fluctuating component could be negative – a 

result that is clearly unphysical.  The realizable model deals with this problem by making one of 

the model coefficients, Cμ, a variable instead of a constant [45], varying with turbulent quantities, 

as well as mean strain and rotation rates. 

While the equation for TKE is identical to the equations of the standard model, the dissipation 

equation is changed substantially.  The production of dissipation term is modified to avoid a 

dependence on the production of TKE that exists in the other forms of the model.  The 
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denominator of the destruction of dissipation term is also modified to avoid a singularity as TKE 

approaches zero, improving stability [46]. 

2.5.3 k-ω SST (2-equation) 

The k-ω family of models are based on the model originally described by Wilcox [47].  The TKE 

equation is identical to that used in the k-ε family of models, but the dissipation is modeled 

differently.  Rather than modeling dissipation, the specific dissipation rate (ω) is modeled.  The 

specific dissipation rate is defined as 
ε

ω k= , is a measure of turbulent frequency, and its 

inverse is the turbulent timescale.  The form of the reformulated specific dissipation rate reduces 

the diffusivity of the model, improving its accuracy in boundary layers.  The drawback of this 

reformulation is an increased intermittency in the freestream flow, and an increased dependence 

on the grid resolution. 

The shear stress transport modification aims to combine the improved performance of the k-ω 

model in the boundary layer with the preferred performance of the k-ε model in the freestream.  

This is achieved primarily through the addition of a cross diffusion term involving k and ω, which 

can be shown algebraically to make the k-ω and the k-ε models identical [48].  This term is 

damped by a blending function based on the turbulent Reynolds number that activates the k-ω 

model near the wall, and the k-ε in the freestream.  The model also incorporates the effect of the 

transport of shear stress on turbulent viscosity, which significantly improves the efficacy of the 

model in adverse pressure gradients.  These modifications make the SST model a low Reynolds 

number model, and therefore sensitive to near wall grid resolution, as the boundary layer is 

entirely resolved. 

The use of a blending function has the effect of making the model largely heuristic, as the form of 
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the blending function can come only empirically.  The SST model has been shown to be valid for 

a wide range of aerodynamic and industrial flows [11], and is therefore a model of interest for the 

present investigation. 

2.6 CFD of Conjugate Heat Transfer and Coupling Effects 

Conjugate heat transfer problems are ones where the heat conduction through a solid wall 

separating two flows is calculated.  Conjugate heat transfer problems can be complicated when 

the heat transfer affects the mean flow – especially in terms of the onset of flow separation, and 

the production of turbulence. 

Numerically, the problem is complicated by the nature of the governing equations.  Consistency 

in the energy equation must be ensured by guaranteeing that the diffusion term in the energy 

equation is represented in the same way on both sides of the solid interface.  When the energy 

equation is coupled to other equations, such as momentum or mass through an equation of state, 

there is a possibility that the presence of the density term can lead to errors when a SIMPLE 

pressure-velocity coupling scheme is used [49].  This problem is addressed through a slight 

modification to the governing equations, one that is applied in the Fluent 15.0 package [36]. 

Conjugate heat transfer in airfoil-shaped geometries is a problem most frequently addressed in 

industrial applications in the context of film cooling simulations over turbine blades.  In a typical 

film cooling application, cooling air is bled from the compressor, and released into the hot flow 

through small holes or slots on the surface of the turbine blade.  Conjugate heat transfer modeling 

has received a great deal of attention in this respect.  The calculation of the conduction through 

the surface, for example, can be carried out in several ways.  Boundary Element Methods [50], 

which only require the discretization of the boundary surface, and not its entire volume, have 

been shown to be effective in capturing both the decreased surface temperature due to heat 
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transfer in thin walls, and the increased surface temperature due to lateral conduction in thick 

walls.  Finite volume methods, which require the discretizaton of the entire solid domain, have 

also been shown to produce accurate results [51]. 

In terms of turbulence modeling, the calculation of conjugate heat transfer can require 

compromise, especially when a commercial CFD code is employed.  In the geometry of the 

present work, the hot and cold flows are entirely separated – that is, except for the heat transfer, 

the two flows are entirely decoupled.  In most commercial CFD codes, however, a single 

turbulence model must be applied to the entire domain.  This is not ideal – as described in 

previous sections, the preferred RANS model for flow through an airfoil may be different from 

the preferred model for flow over an airfoil.  Luo [52] shows that the v
2
-f model is preferred over 

low-Reynolds number or non-linear quadratic k-ε models for internally cooled turbine vanes, and 

that it provides a reasonable balance between accurately modeling both the flow through the vane 

and the flow around the vane. 

Inlet boundary conditions can play a significant role in the distribution of surface temperatures.  It 

has been shown experimentally [53] that the non-uniformity of temperature distributions in 

typical turbine flows can cause a difference of up to 60% in local heat transfer coefficients.  

Whether this change causes an increase or decrease in thermal stresses depends on the geometry 

of the problem under consideration, but this is a significant source of error, and is therefore 

deserving of some study. 

2.7 Performance Parameters and Dimensionless Groups 

This section introduces a number of dimensionless groups that are important in characterizing the 

flow and heat transfer through the duct, as well as a number of performance metrics that are 

important in evaluating and characterizing performance. 
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2.7.1 Reynolds Number 

The Reynolds number is defined as 
µ

ρUD
=Re , where U is a characteristic velocity, D is a 

representative length scale, ρ is the fluid density, and μ is the fluid viscosity.  The Reynolds 

number can be thought of as the ratio of inertial forces to viscous forces, and when the Reynolds 

number is high, convective forces dominate the flowfield. 

The industrial motivation for this work was to aid the development of an exhaust system for the 

CH-47 Chinook helicopter.  The device was originally designed to be tested on a larger wind 

tunnel, at a primary flow temperature of 550°C, at a chord Reynolds number of 4x10
5
.  The 

testing on the smaller Queen’s HGWT was undertaken at a primary chord Reynolds numbers 

around 2x10
5
.  Both of these Reynolds numbers are very close to the transition Reynolds number 

for lift and drag on an airfoil [7],[57], so testing was done over a range of Reynolds numbers to 

confirm the influence of Reynolds number on this particular geometry. The Reynolds number 

played a significant role in local heat transfer rates, insofar as that heat transfer rates scale with 

some function of the Reynolds number, but all of the flowfields tested were fully turbulent and 

did not show a sensitivity to Reynolds number. 

2.7.2 Mach Number 

The Mach number describes the compressibility of a fluid – that is, the change in density that 

arises solely from the motion of the fluid.  It is the ratio of the speed of the fluid to the speed of 

sound in that medium, and is defined as 
a

U
Ma = , where a is the local speed of sound.  When the 

local Mach number is below approximately 0.3, the flow is considered to be incompressible, and 

the influence of the Mach number is largely ignored.  The Mach numbers in actual exhaust 
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systems are typically low, and the Mach numbers in the present work are low as well.  The 

influence of the Mach number is therefore ignored in the present study, and the study is limited to 

incompressible, low Mach number flows. 

2.7.3 Blowing Ratio 

The blowing ratio describes the ratio of the primary and secondary mass flows.  The desired 

secondary mass flow was estimated using a preliminary CFD analysis of the full scale Chinook 

device.  Based on a roughly 20:1 ratio of the primary to secondary mass flow ratio in the full 

scale device, it was determined that a range of mass flows between 0.1-0.3 kg/s at ambient 

temperature was most appropriate. 

2.7.4 Angle of Attack 

The angle of attack is the angle between the oncoming flow and the mean chord line of an airfoil , 

and it plays a very significant role in the performance of the device.  In its current state, the rig 

can be rotated in 10° increments.  Testing was performed at 0°, 10°, 20°, 30°, and 40° angles of 

attack, a range that encompassed several flow regimes, ranging from fully attached flow, through 

an intermittent stall condition, to a fully separated bluff body type condition. 

2.7.5 Nusselt Number 

The Nusselt number (Nu) characterizes convective heat transfer rates from a solid body.  The 

Nusselt number is defined as 
fluidk

hL
Nu = , where h is the convective heat transfer coefficient, L 

is a characteristic length scale, and k is the thermal conductivity of the fluid.  Nusselt number can 

be expressed as a measure of either local or bulk heat transfer, depending on the application.  
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Nusselt number is often correlated to other parameters of a flow, such as the Reynolds, Grashoff, 

Mach, and Prandtl numbers when presenting empirical correlations.  In the present work, which 

considered forced convection, the effects of Reynolds and Prandtl numbers were most significant. 

2.7.6 Mean Temperature Difference  

The mean temperature difference (θ) is used to present distributions of temperature.  The mean 

difference is defined as 
InColdInHot

InCold

TT

TT

,,

,

−

−
=θ , and its use allows for the comparison of 

experimental data for cases with different ambient or primary flow conditions.  For temperature 

ranges where Prandtl numbers are relatively constant, the comparison of mean temperature 

differences is equivalent to the comparison of absolute temperatures. 

2.7.7 Pressure Coefficient  

Static pressures were presented in the present work as pressure coefficients.  The pressure was 

presented as a percentage of an appropriate characteristic dynamic pressure - that is, 

22/1 V

P
CP

ρ
= . 
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Chapter 3 

Test Setup and Procedures 

This section describes the specifics of the problem and the geometry that was studied in the 

present work.  The geometry and the design of the experimental test articles are described in 

detail.  The techniques and instrumentation used to collect and analyze the experimental data are 

also addressed in terms of their capabilities, limits, uncertainties, and relevance to the flow 

physics.  Parts of this work have been previously published by the author as [54]-[56], and the 

information contained in this section is consistent with those publications. 

3.1 Geometry and Problem Definition 

The geometry studied in the present work was based on an existing test rig that was manufactured 

for testing at W.R Davis Engineering Limited.  An isometric view of the test section is shown in 

Figure 3-1.  The horizontal components that formed the primary flow ducting system were, from 

left to right, the round-to-rectangular transition section, the rectangular inlet section, the rotatable 

airfoil strut and the rectangular outlet section.  The secondary flow ducting system ran vertically, 

and consisted of a conical duct section that was used to cover the rotatable strut section and draw 

ambient air through the inside of the strut.  The round-to-rectangular, rectangular inlet, and 

conical duct sections were insulated using ceramic wool blankets while the test section and 

rectangular duct sections were left as bare metal.  Preliminary testing showed that heat loss 

through the duct walls was negligible.  
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Figure 3-1: Assembled Test Components 

 The 40 cm (15.75 in)  long round-to-rectangular transition section had a 20.32 cm (8 in) inlet 

diameter, and transitioned to a rectangular duct measuring 40 cm (15.75 in) wide and 12 cm 

(4.725 in) high.  The strut shape was based on a symmetric NACA 0020 airfoil, however the 

sharp trailing edge was rounded.  The strut had a chord length (c) of 17.14 cm (6.75”), and a 

maximum thickness slightly higher than 20% of the chord because of the trailing edge radius.   

The total blockage in the duct was 8.5% at the thickest point on the airfoil at a 0° angle of attack.  

A 13 mm (0.5 in) radius fillet was applied all around the airfoil-wall interface.  The centre of 

rotation of the strut was 71.8 cm (28.25 in) from the round-to-rectangular transition section. 

Two rectangular ducts were constructed to give a total of three different wake recovery lengths 

downstream of the strut before the primary flow exhausted to the atmosphere.  Using either no 

outlet duct, the short outlet duct, or the long outlet duct gave recovery lengths with constant cross 

sectional area of 0.8c, 2.25c, or 3.45c, respectively. 
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The strut weldment was rotated about its centroid to simulate the influence of swirling inlet flow.  

This was achieved by removing the strut weldment and reinstalling it in a rotated position.  The 

bolt pattern allowed the strut to be rotated in 10° increments. 

3.1.1 Coordinate Systems and Reference Locations 

A single coordinate system was adopted for all testing and simulations in this work to ensure 

consistency and clarity.  This coordinate system is shown in Figure 3-1.  In terms of the primary 

flow, the axial direction was the positive Z-direction.  The X direction represented the width of 

the duct, while the Y direction pointed along the span of the strut.  In terms of the secondary flow, 

the axial direction was the positive Y-direction.  The Z direction followed the chord of the strut, 

while the X direction represented the width of the flow passage inside the strut. 

When the strut was rotated to different angles of attack relative to the mean flow, the coordinate 

system was modified slightly to clearly compare fluxes and properties on the surface of the strut.   

For purposes of describing measurements and calculations on the strut surface, the coordinate 

system was rotated about the Y-axis to align the Z-axis with the strut chord - that is to say, Z/c = 

0.5 represents the same location on the strut for all angles of attack.  For purposes of describing 

properties of the flow away from the strut surface, such as velocity and temperature at a duct 

cross section, the coordinate system shown in Figure 3-1 was used. 

Figure 3-2 shows a picture of the strut weldment used in the present work, and shows two weld 

seams where the two fillet sections, which were hydroformed separately, were welded to a centre 

section to form the complete strut.  These weld lines were used to register the IR images to a 

physical location, and thus experimental data that was derived from these images was only taken 

for the section of the strut between these two welds.  These welds did not, however, represent the 
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end of the fillet radius -  the hydroformed part included a length of material with a constant cross 

section.  The Y = 0 plane was taken as the end of fillet radius on the secondary inlet side of the 

strut.   The origins of the X and Z axes were placed at the leading edge of the strut so the leading 

edge of the strut was at Z = 0.  For purposes of wake measurement, these axes were considered 

fixed at the location of the leading edge at a 0° angle of attack, however as described above, this 

origin remained attached to the leading edge for purposes of describing quantities on the surface 

of the strut. 

 

Figure 3-2: Strut Weldment Side View, as Constructed 

3.2 Wind Tunnels 

This rig was originally designed for use with a wind tunnel at Davis Engineering Ltd in Ottawa, 

ON, which was capable of producing approximately twice the mass flow rate as the HGWT 

facility at Queen’s. 

17.14 cm 
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The Queen’s HGWT is shown in Figure 3-3.  The wind tunnel blower, which was supplied by the 

New York Blower Company, model number 2512A, was driven by a 29.8 kW (40 HP) electric 

motor.  The blower produced a static pressure rise of up to 12.9 kPa (52 inH20).  The maximum 

achievable mass flow rate was on the order of 2.5 kg/s, depending on the size and shape of the 

test article installed on the wind tunnel.  The HGWT was throttled with a set of orifice plates that 

were installed at the inlet to the wind tunnel, and controlled the mass flow by introducing a 

parasitic inlet pressure drop.  The size of the rig in the present work required the blower to work 

at the top end of its power range, and the wind tunnel was therefore only throttled to test the 

influence of the Reynolds number. 

The wind tunnel was equipped with an Eclipse “I” type natural gas burner, model 440 TAH-O.  

This burner can produce up to 1612 kW (5.5 million BTU/hr) of heat, which was sufficient to 

heat the airflow to 650°C.  The increased flow temperature caused an increase in the dynamic 

pressure of the flow leaving the test section, increasing the total-to-static backpressure applied to 

the wind tunnel, so the mass flow rate through the wind tunnel with the burner operating was 

limited to between 1.5 and 2 kg/s.  The outlet of the wind tunnel was a standard 8” schedule 10 

stainless steel pipe with a flanged connection to which the test article was bolted directly.  The 

outlet of the wind tunnel is shown in Figure 3-4.  
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Figure 3-3: Queen's Hot Gas Wind Tunnel Blower and Burner Section 

 

Figure 3-4: HGWT Outlet Connection 
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3.2.1 Secondary Blower 

A secondary blower was used to drive the flow of ambient air through the inside of the strut.  The 

blower had a 45.7 cm (18”) impellor, a 3.73 kW (5HP) motor, and was capable of supplying 

roughly 0.4 kg/s of cold air at 5.97 kPa (24 inH2O) of static pressure rise.  The blower was 

connected to a variable speed drive to allow precise control of the secondary mass flow.  The 

majority of testing was performed with the blower sucking air through the strut, although a 

limited number of initial tests were carried out by blowing air through the strut. 

3.3 Test Rig Instrumentation and Measurement 

This section describes the test article instrumentation and data collection.  Estimates of 

measurement uncertainty are also discussed here.  The data was collected mainly through 2D 

traverses of duct sections, infrared images of the strut surface, static thermocouple measurements, 

or stationary Pitot tube measurements. 

3.3.1 Data Acquisition 

A Dell Optiplex 620 desktop computer was used for data acquisition and traverse control.  A 

Data Translation DT3003-PGL DAQ board was installed in a PCI slot and used to read analog 

input signals from pressure transducers and thermocouples, which were connected to a D730-T 

terminal block.  The +/- 10V and +/- 100mV input ranges were used for pressure and temperature 

measurement, respectively.  With a 12 bit resolution on each channel, the error due to the DAQ 

resolution was less than 1 Pascal for pressure measurements and 1°C for thermocouple 

measurements.  A sampling rate of 1000 Hz was used for all steady state measurements, with a 

sampling period of at least 3 seconds.  Averaging data in this manner has previously been shown 

to obtain a mean quantity that changed less than 0.01% with additional sampling [58].  All of the 
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data acquisition and traverse table control was done using MATLAB programs developed by the 

author. 

3.3.2 Mass Flow Rate 

Pitot static tubes were mounted  at the wind tunnel outlet and at the secondary plenum outlet to 

measure the centreline total and static pressure at each of these stations.  Static temperature was 

also measured using a K-type thermocouple at each of those locations so density and centreline 

velocity were calculated at each of these stations.  A K-factor was defined as LCInletVAKm /ρ=&  

to relate the centreline velocity measured at each of these stations to the actual mass flow crossing 

the plane.  For the primary flow, a number of experiments involved complete traverses of the 

primary duct outlet.  Integration over these outlet planes provided a total mass flow rate which 

was then used to calibrate the inlet Pitot tube.  The primary K-factor was set as 0.98 based on the 

average of 16 such traverses over a range of Reynolds numbers, strut angles of attack, and duct 

lengths.  The highest observed K-factor was 0.991, while the lowest was 0.975.  The uncertainty 

in the K-factor was therefore estimated to be 1.1%.  Combined with the uncertainty in the Pitot 

tube measurement (2%), the total uncertainty in the primary mass flow rate measurement using 

this method was 3.1%.  A similar procedure was followed to determine the secondary flow outlet 

K-factor, with 5 different flow rates tested.  This factor was found to be 0.99, with a 0.5% 

uncertainty.  Combining this with the Pitot tube uncertainty gave a total uncertainty of 2.5% in 

the secondary mass flow rate using this method. 

3.3.3 Pressure Measurement 

Pressure readings were taken using two types of transducers from Omega Engineering.  The 

PX139 +/- 1 psi (6900 Pa) differential transducer was used to sense pressures on the seven hole 
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probe and on Pitot static tubes, while PX164 0-5 inH2O transducers were used for some low 

pressure measurements where the measured pressure did not exceed 5 inH2O (~1200 Pa).  The 

transducers were calibrated using a water manometer, with 4 measured data points over the 

transducer range used to create a linear relationship between pressure and output voltage.  An 

offsetting procedure was used prior to each test to eliminate the effect of zero drift - with all lines 

disconnected, the sensors were read, and the resulting pressure on each channel was stored as an 

offset and subtracted from each subsequent measurement.  Signal noise was eliminated by 

averaging multiple measurements over time, as described above.  Based on the published linearity 

and hysteresis errors in the manufacturer datasheets [59], the uncertainty in the PX139 was 

estimated to be +/- 30 Pa, while the uncertainty in the PX164 was estimated to be +/- 10 Pa over 

the range of pressures tested. 

3.3.4 Mean Velocity Vector with Seven Hole Probe 

A seven hole probe is a measuring instrument capable of sensing the total and static pressure, as 

well as the direction of a flow in a single measurement.   A 3.78mm tip diameter probe was 

manufactured in house and designed for use in high temperature flows.  The hemispherically 

tipped probe was calibrated using a polynomial surface fit method that has been described 

extensively by the author  [58], [60], [61].  All of the calibrations were Reynolds number 

insensitive over the range of flow velocities considered.  Based on the uncertainty in the pressure 

transducers and the polynomial surface fit, uncertainties in the calculated mean properties were as 

tabulated in Table 3-1.  Note that pressure uncertainties were given as percentages of the local 

flow dynamic pressure. 
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Table 3-1: Uncertainty Estimates for Seven Hole Probe Data 

Property Estimated Uncertainty 

Flow Angles +/- 1.5° 

Dynamic Pressure +/- 2.5% 

Total  Pressure +/- 2% 

Static Pressure +/- 3% 

3.3.5 Instantaneous Axial Velocity with Hot Wire Anemometer 

A commercially available hot wire anemometer system was used to take a limited number of 

unsteady velocity measurements.  The Dantec Dynamics model 55P16 probe was connected to a 

Dantec 54T42 MiniCTA high speed bridge.  The output of this system was read using a National 

Instruments USB 9215 high speed DAQ system.  Calibration was effected using a calibrated free 

jet.  A Pitot static tube was used to measure the flow velocity at the outlet of this tunnel, and the 

hot wire probe was placed in the same flow.  The measured voltage output of the bridge was 

correlated to the flow velocity using a 4th order polynomial.  The probe was configured to have a 

constant overheat ratio of 0.8, so the calibration voltages, as well as the measured, were corrected 

to a 20°C reference temperature before converting the voltages to velocity.  Based on the 

uncertainty in the calibration curve fit, as well as the published probe uncertainty, the total 

uncertainty in the velocity measurements made using this probe was estimated to be 2% [62]. 

3.3.6 Traversing Table 

An Arrick Robotics XY-30 traversing table was used to move the seven hole probe and hot wire 

anemometers through various planes to take planar sections or rakes of measurements.  Stepper 

motors with a 200 step/revolution resolution were attached to 1" (2.54 cm) circumference pulleys 

to slide the probe mount, meaning that the probe could be positioned to within 0.127 mm in the X 

direction and 0.032mm in the Y direction due to the use of a pulley reducer.  The probe was 

returned to a home position at the end of each traverse to verify that all steps had been completed.  
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It was observed that the probe was always returned to within 1 mm of the expected location.  

Uncertainty in the position of each measurement was therefore neglected. 

The settling chamber of the HGWT was fixed to the floor to ensure that the natural gas lines 

feeding the burner did not experience stress due to wind tunnel movement.  The wind tunnel 

outlet was therefore free to extend axially as the wall temperature increased.  This effect was 

mitigated by realigning the traverse once the wind tunnel had heated up, but an additional 

misalignment of 2° was estimated to be the maximum possible uncertainty introduced.  It should 

also be noted that this misalignment acted as a DC offset to all measurements in a given traverse, 

meaning that its main effect was to bias the apparent mean direction of secondary flows.  The 

calculation of axial vorticity was unaffected by this error, however, since the differencing 

procedure cancelled the bias. 

3.3.7 Thermocouples 

Omega K-type thermocouple probes were installed with the Pitot static tubes used for mass flow 

calculations to determine the primary inlet temperature and the secondary outlet temperature 

during testing.  Fine K-type thermocouple wire was welded to a small junction and installed 1 cm 

downstream of the tip of the seven hole probes to measure the flow temperature at each traverse 

point.  This wire was also spot welded to the strut surface in selected locations during the setup of 

the experiment to confirm the surface emissivity used in the IR camera images.  The 

thermocouples were uncalibrated, and standard NIST polynomial relationships were used to relate 

the sensed voltage to temperature.  The readings were cold junction compensated, with the 

reference temperature coming from a built in thermistor circuit on the D730T terminal block.  
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The standard uncertainty for uncalibrated thermocouple readings was taken to be the larger of +/- 

2°C or 2% of the reading. 

3.3.8 IR Camera 

Thermal images were collected using a FLIR T450sc uncooled longwave (7.5-13 μm) IR camera.  

This camera captured images at a resolution of 320x240 pixels with a stated uncertainty of the 

larger of +/- 1°C or 1%.  The camera collected images at a 30 Hz framerate, and through the use 

of the provided FLIR software, the temperatures were saved directly into a MATLAB compatible 

3D array.  The camera allowed for the specification of a surface emissivity,  however this 

function was not used since emissivity corrections were applied in post processing to account for 

directional effects and reflections.  The effects of atmospheric attenuation and emission were also 

ignored during image capture as the camera was quite close (~1m) to the strut surface, and even 

at high air temperatures the contribution of the plume to the overall incident radiation seen by the 

bolometer was small.  The camera arrangement for data collection from the outside and inside of 

the strut are shown in Figure 3-5 and Figure 3-6. 
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Figure 3-5: Camera Orientation for Viewing Strut Outer Wall 

       

Figure 3-6: Camera Orientation for Viewing Strut Inner Wall 
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The entire rig was painted a flat black using high temperature stove paint to ensure a repeatable, 

known surface emissivity, as well as to ensure consistency when correcting for surface to surface 

radiation effects during post processing.  Two coats of paint were found to have an emissivity of 

0.95 for surface incident view angles greater than 50°.  For view angles from 30° to 50° the 

emissivity varied linearily from 0.95 to 0.85.  For view angles less than 30° the data was 

discarded as the emissivity dropped dramatically.  The procedure used to determine these 

directional emissivity effects is described in Appendix A. 

3.4 Experimental Approach 

The experimental programme consisted of a series of progressively more complex tests designed 

to isolate the effect of each parameter tested.  Isothermal testing was performed for both the flow 

around the strut and the flow through the strut to characterize the cold flow performance and the 

effect of inflow conditions.  Mean velocity and turbulence measurements in the strut wake, along 

with string tuft measurements on the strut surface were used to characterize separation on the 

strut, as well as wake recovery rates at different angles of attack and Reynolds numbers.  Mean 

velocity and pressure measurements at the outlet of the interior strut passage characterized the 

boundary layer development as flow was drawn through the strut. 

An electric heating pad was then used to heat the strut wall to allow direct, independent 

measurement of the heat transfer to the flow around the strut and the flow through the strut.  The 

procedure for this testing is described in detail in the following section, but conceptually this 

testing used infrared imaging of the strut surface to calculate convective heat transfer coefficient 

distributions on each side of the strut separately.  The heat transfer to the flow outside the strut 

was measured for different angles of attack, at a single flow rate.  The heat transfer to the flow 
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inside the strut was measured for different flow rates so that the effect of Reynolds number on the 

boundary layer evolution could be characterized.  Detailed flow measurements were not taken 

during this round of testing because the total heat input was small compared to the total flow 

enthalpy and downstream flow temperatures were not significantly affected by the heater. 

The last round of testing was performed with a hot primary flow stream over the strut and a cold 

secondary flow stream drawn through the strut to simulate the actual conditions seen in engine 

operation.  IR images of the strut surface were collected to show temperature distributions, while 

detailed mean velocity and temperature data was collected in the strut wake to characterize the 

effects of the heat transfer between the two streams on the mean flow.  Tested parameters 

included primary flow temperature, strut angle of attack, and secondary flow rate.   

3.5 Computational Approach 

The computational study was conducted in parallel with the experimental programme, with 

simultaneous comparisons between experiment and simulation.  This approach helped to identify 

sources of error as the experiments became progressively more complex. 

Simulations were performed using ANSYS Fluent 15.0, a commercially available CFD package.  

Except where otherwise specified, the steady RANS equations were solved using a fully implicit 

coupled solver with a pseudo-transient time stepping scheme that was found to both decrease the 

time to convergence and eliminate the oscillatory convergence effects sometimes observed using 

SIMPLE and SIMPLEC coupling schemes.  Spatial derivatives (other than pressure) in the 

governing equations were discretized using second order upwind schemes, while pressure was 

discretized using a second order central difference scheme for all cases.  The numerical 

convergence of each simulation was determined by both monitoring equation residuals, which 
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were decreased at least 5 orders of magnitude, and by monitoring relevant properties to ensure 

their stability to at least 4 significant digits.  The monitored quantities were different for each 

simulation, but some examples included average strut temperature, maximum strut y
+
 value, 

mean wake vorticity, and the standard deviation of strut temperature. 

3.5.1 Outside the Strut 

The computational domain for the flow around the outside of the strut was defined to replicate the 

cold flow experimental setup with electric strut heating.   The inlet to the CFD domain was 5 inlet 

diameters upstream of the round-to-rectangular transition section. The length of the constant area 

duct and the angle of attack of the strut were varied to match the test case for each simulation.  A 

large exit plenum with the boundary at atmospheric static pressure was used to allow the static 

pressure to vary across the duct outlet plane.  All of the walls of the duct were adiabatic, no-slip 

walls, except the strut wall which was a no-slip wall with a uniform heat flux of 4500 W/m
2
 to 

match the nominal heat input of the electric heaters.  The inflow to the domain was specified 

using data from a pipe flow simulation, a process that was discussed extensively in Section 5.1. 

The computational domain was discretized into a completely structured grid, and a 

comprehensive grid independence study was carried out to determine appropriate grid sizing.  

These preliminary investigations are described in Appendix B and Appendix C.  Figure 3-7 

shows the computational domain for the cold flow simulations - the flow was symmetric about 

the XZ-plane, so a half model was used to reduce the computational cost.  Detailed views of the 

grid architecture are reproduced from Appendix C in Figure 3-8. 
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Figure 3-7: Computational Domain for Flow Outside the Strut 

 

(a) Transverse (X-Y) plane at Strut Midsection  

 

(b) Y-Symmetry Plane with Strut Boundary Layer Treatment and C-Grid Boundary Layer 

Termination in Outlet Plenum 

Figure 3-8: Mesh Detail Views 
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3.5.2 Inside the Strut 

The computational domain considered in the CFD study of the flow inside the strut was slightly 

different from the configuration tested experimentally.  Figure 3-9 shows both the experimental 

setup, which used a conical plenum to draw air through the strut, and the computational domain, 

which did not model this conical nozzle and instead used a large outlet plenum with a uniform 

pressure boundary on the sides and end.  This was done to reduce the grid requirement of the 

CFD solutions - large circulations were generated inside the plenum, and resolving these 

circulations was computationally expensive.  Preliminary testing showed that simplifying the 

outlet plenum in this way influenced predicted heat transfer coefficients on the strut surface by 

less than 1%.  Flow separation over the fillet at the strut outlet was somewhat affected by the 

change, but the size of the separated region was quite small for both configurations - much 

smaller than what was resolved experimentally using the seven hole probe.  For these reasons, the 

simplified plenum was used for all CFD calculations. 

   

Figure 3-9: Experimental Setup and Computational Domain for Flow Inside the Strut 
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Three wall boundary sections were used to define the strut weldment.  The strut weldment was 

split in the XZ plane at the midpoint of the inlet and outlet fillets to create the three distinct wall 

parts.  The sections abutting the plenums were defined as adiabatic, no-slip walls, while the strut 

section (shown in Figure 4-1) was defined with no-slip walls and a 4500 W/m
2
 heat flux into the 

domain.  A uniform atmospheric inlet stagnation pressure was applied to the surfaces of the inlet 

plenum, while a constant static pressure was applied to the surfaces of the outlet plenum.  The 

actual value of the outlet static pressure was allowed to vary to achieve the same mass flow rates 

achieved experimentally, and the actual value of static pressure was, therefore, different for each 

flow rate and turbulence model. 

The domain was discretized into an entirely structured grid.  An O-grid approach was used to 

mesh the plenums, while a C-grid was used to ensure appropriate boundary layer refinement 

around the strut and plenum walls.  Cross section views of the grid are shown in Figure 3-10.  A 

total of four geometrically similar grids were tested for grid independence, with the cell size 

changing by a factor of 2
1/3

 (~1.2) in each grid, meaning the cell count in each grid was double 

the previous test.  Grid independence testing was done using the SST turbulence model with the 

highest Reynolds number case to ensure that the chosen grid would be sufficient to accurately 

resolve all other cases.  The detailed results of this grid independence study are included in 

Appendix C. 
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(a) 

 

(b) 

Figure 3-10: Grid Cross Sections in (a) XY plane and (b) XZ plane 

3.5.3 Both Flows 

The computational domain for simulations involving both flows was generated by merging the 

domains used to model each individual flow.  The flow around the outside of the strut was not 

symmetrical with hot primary flow and cold secondary flow due to the heat transfer, so the 
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symmetrical domain for the flow outside the strut was reflected about the XZ plane to simulate 

the entire duct.  The grid architecture and cell sizing was therefore virtually the same as for the 

individual flow simulations; therefore additional grid refinement studies were not performed.  

The grid architecture was adjusted slightly to ensure a conformal mesh at the strut surface. A 

shell conduction model was used on the strut surface to allow lateral surface conduction through 

the thickness of the strut wall, and to provide the correct thermal resistance for through-wall 

conduction, meaning the actual thickness of the strut wall was not discretized.  A total of roughly 

16 million volumes were used to model the complete domain with both flows. 

3.6 IR Image Analysis 

Transient and steady IR images of the strut surface were collected for several of the tests 

described in Section 3.4.  These images were processed in MATLAB using codes written by the 

author.  The methods and algorithms implemented in these codes are described along with the 

relevant theory in the following sections. 

3.6.1 Image Registration and Interpolation 

Temperature maps of the strut were extracted from the raw images through an interpolation 

process.  The weld seams shown in Figure 3-2 were identified on the IR images and used to 

register the strut location.  Figure 3-11 gives an example of the weld locations on a sample image 

from a test where the outside of the strut was being heated.  A structured rectangular grid was 

created using these four pixels as the corners and each frame was processed by interpolating the 

raw image to obtain the temperature at each grid location. 
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Figure 3-11: Sample Image of the Heated Outer Strut Wall 

3.6.1.1 Outside of the Strut 

Determination of the streamwise location of each temperature grid point on the outside of the 

strut required calculation of the projection of a curved surface that was viewed at an unknown 

view angle from an unknown point in space.  The camera was positioned at the same height as the 

strut, so the grid spacing was considered uniform in the Y-direction, and was determined simply 

using the known locations of the welds. 

The camera was positioned behind the strut, so the vertical line of points at the trailing edge was 

taken to be Z/c = 1.  The location of the vertical line of points closest to the leading edge were 

determined by first calculating a mean camera view angle.  The physical length associated with a 

single pixel was determined by dividing the actual distance between the two welds by the number 

of spanwise pixels (based on the corner locations identified using the weld locations) between the 
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upper and lower corner locations.  This number was then used to calculate the apparent chordwise 

length of the strut based on the number of pixels between the left and right corner locations.  This 

projection is shown in Figure 3-12, where the mean view angle of the camera was termed θ. 

θ

θ

LApparent

LStrut

 

Figure 3-12: Mean View Angle Determination 

Given this mean view angle, the axial location of the point closest to the leading edge was 

determined by finding the point on the strut where the angle of the surface normal was equal to 

the mean view angle - that is to say, the camera could only see to the point where the camera 

view was tangent to the strut surface.  The angle subtended by the strut in the image was ignored 

both because it was small and because the rate of change of surface normal close to the leading 

edge was large, and small differences in the mean view angle did not appreciably change the 

location of the leading edge point.    
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Figure 3-13: Determining Axial Position of Image Grid Points 

Given the axial locations of the first and last points in the interpolated temperature grid, the axial 

locations of each of the intermediate grid points was then determined by the intersection of rays 

with the strut surface, as shown in Figure 3-13.  A Cartesian coordinate system was placed in the 

centre of the strut.  The first and last points in the temperature grid were placed into the 

coordinate system as (x1, z1) and (xn, zn).  The camera was placed at (xc, zc) using the mean view 

angle and an estimated distance of 1m from the strut.  It was determined that as long as this radius 

was large compared to the strut it had only a small effect on the solution.  Lines were then 

constructed from the camera to each of the endpoints, and based on the slopes of these two lines, 

the angle subtended by the strut, α, was calculated.  Each grid point subtended an equal part (dα) 

of that total angle, and based on that, the slope of the ray leaving the camera to each grid point 
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was calculated.  Given the slope of these rays, and that the rays passed through the camera, the 

equation of the line for each of the n rays were calculated.  Using the locus of points that defined 

the strut surface, a second set of straight lines, these ones defining the strut surface, were then 

constructed.  The intersection of each ray with each surface line was then calculated, and if that 

intersection fell in between the two strut points defining that line segment (ie, if the ray 

intersected the surface at a point where that line truly represented the surface), then the axial 

location of that intersection point was the axial location of the temperature grid data point.  This 

process was necessary to account for the curvature of the strut, and the result was that grid points 

closer to the leading edge were further apart than grid points closer to the trailing edge. 

Finally, given the mean view angle and the angle of the surface normals along the strut length, the 

actual camera view angle to each grid point was calculated and used to correct surface 

emissivities for directional effects. 

3.6.1.2 Inside the Strut 

It was not possible to capture the entire inside of the strut surface in a single camera setup, so the 

camera was moved to three different positions during testing.  Image registration for each of these 

setups was done in the same way as for the outside of the strut - that is, four points were placed 

on the weld lines, a structured grid was created, and the raw temperature field was interpolated to 

create a temperature map.  Uniform grid spacings were applied in both directions, since 

geometrical curvature effects were not significant over the smaller interrogation areas.  The Z-

wise locations of each grid boundary were estimated by scaling from the images and the 

uncertainty in their location was estimated at +/- 0.03c. 
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3.6.2 Emissivity Correction and Reflection 

The projection process described in the previous section created a structured matrix of surface 

temperatures from the raw IR images, giving the apparent temperature distribution over the strut 

surface.  These raw measured values were not actually the surface temperatures however, rather 

they represented the temperature derived from the radiation flux reaching and exciting the camera 

bolometer.  It was therefore necessary to trace back and correct for all sources of incident 

radiation to isolate the contribution of emission from the strut surface and calculate the actual 

surface temperature. 

The emissivity setting of the camera was set to unity during image acquisition, meaning the 

temperature reported by the camera was the equivalent blackbody temperature, and that the total 

radiative power observed by the camera at each grid point was therefore 
4

CamTi σ= .  This 

equivalent blackbody temperature included all sources of radiation coming from a given point, 

including surface emission, surface reflection, and gas volume emission and attenuation.  The 

contributions of the gas volume were ignored in the present work as the camera was quite close to 

the test apparatus, and the gas clouds between the camera and the strut were quite optically thin. 
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Figure 3-14: Sources of IR Radiation Collected by Camera 

The emission due to the actual wall temperature was extracted from this total observed emission 

by applying local emissivity (ε) and reflectivity (ρ) functions to the data based on the strut 

geometry.  All emissions were assumed to be grey and diffuse.  At each grid point, the portion of 

the emission due to the surface temperature was therefore calculated as
4

WallWallTσε .  As described 

previously, the local wall emissivity was a function of the local camera view angle, and was 

calculated during the image projection process.  The procedure for determining directional 

emissivity effects is described in Appendix A, and involved a relatively straightforward 

experiment.  

The determination of directional reflectivity was much more complicated.  At each grid point the 

conservation of energy required that the sum of emissivity and reflectivity was unity, however the 

specularity of the reflection was unknown and difficult to estimate.  The two limiting cases of 
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diffuse and specular reflection were then considered separately in an effort to bound the 

uncertainty associated with the unknown directionality of reflections.  

Figure 3-14 shows the difference between the two cases schematically.  In the case of diffuse 

reflections, at each point on the strut, the reflection leaving each point depended on the total 

reflection and a geometric view factor (F) from that point to the hot walls of the duct, and from 

that point to the ambient temperature surroundings outside the wind tunnel outlet.  The sum of the 

view factor to the hot duct walls and to the ambient outlet was unity, so the emission due to 

diffuse reflections was calculated as ( ) ( )( )4411 ColdColdHotColdWall TFTF +−− εσ .  In the case of 

specular reflections, the reflection at each point either came from the hot duct walls or the 

ambient surroundings, and the emission was calculated as ( ) 4

/1 ColdHotWall Tεσ − .  The choice of 

reflected temperature was made by creating a ray from the camera to each point on the strut 

surface, determining the incidence angle relative to the surface normal, setting the reflected angle 

equal to the incidence angle, and tracking which surface the reflected ray intersected first.  Most 

specular reflections were from the hot duct walls - only a small region of the rounded trailing 

edge had specular reflections coming from the ambient outlet. 

The actual equations that were rearranged and solved for the wall temperature are shown below 

as Equation (3-1) for diffuse reflections and (3-2) for specular reflections.  The effects of the 

treatment of these terms is then shown for a sample case (20° AOA, 90°C primary flow 

temperature, 28°C secondary flow temperature) in Figure 3-15. 

( ) ( )[ ]4444 11 ColdColdHotColdWWWCam TFTFTT +−−+= εε  (3-1) 

( ) 4

/

44 1 ColdHotWWWCam TTT εε −+=  (3-2) 
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Figure 3-15: Effect of Reflection Model on Measured Wall Temperatures  

The temperatures shown above are spanwise (Y-direction) averaged temperatures over the 

viewable chord length of the suction side of the strut between the two weld seams shown in 

Figure 3-2.  A relatively low temperature case was chosen to illustrate the differences between 

data processing methods because the differences were greatest at low primary flow temperatures.  

The results show that reflection accounts for a 10-25% change in surface temperature.  The 

difference between diffuse and specular reflections is much smaller, with a difference of less than 

1% over most of the chord.  These two cases represent the extremes: real surfaces show some 
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combination of specular and diffuse reflection - and the real strut temperature was therefore 

somewhere between the two curves.  The differences due to the treatment of the term were within 

the uncertainty of the initial temperature measurement, so for purposes of simplicity, all images 

were processed using the diffuse reflection equations.  

3.7 Direct Heat Transfer Coefficient Measurement 

Heat transfer coefficients were measured directly on both sides of the strut using a two step 

experimental setup with an electric heating pad.  The procedure was based on the heated thin foil 

technique, with an additional calibration step based on the wall calorimeter approach that was 

used to account for non-uniformity in the heat input rate [63]-[66].  Conductive thermal paste was 

applied to an electric heating pad with a nominal heat output of 4500 W/m
2
.  The pad was then 

installed around the outside of the strut and wrapped with insulation so that the heat transfer to 

the inside of the strut could be measured.  The heat transfer to the outside of the strut was 

measured in the same way, with the heating pad installed on the inside of the strut, which was 

then filled with insulation. 

The two step experiment was necessary to solve for the two unknown terms in a control volume 

energy equation for the strut, written here as equation (3-3).  In that equation, the transient term is 

set equal to the sum of the external heat flux, the in-wall conduction, the radiation, and the 

convection.  The thermal mass in the transient term was the sum of the strut and the aluminum 

heating pad, while the conduction term included only conduction in the strut.  

In the first part of the experiment, the flow was turned off so the convection term was neglected 

because the magnitude of the free convective term for the wall temperatures experienced during 

testing was less than 1% of the total heat input.  The heater was turned on, and the full field 
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temperature transient was monitored using the IR camera over roughly 30 seconds, during which 

time the strut surface reached roughly 80°C.  Ten frames were extracted at three second intervals.  

The temperature transient over each three second period was calculated as the difference between 

subsequent frames.  The average of the two frames was also calculated, and this average 

temperature field was used to calculate the conduction and radiation terms at each time interval.  

The heat flux term was then the only term remaining, and through a rearrangement of the 

equation a spatial distribution of heat input fluxes was calculated for each time interval.  The 

difference in the average heat flux over the strut surface at each time interval was less than 1%, 

while the maximum difference in local heat flux at any pixel over any time interval was less than 

12%. 

( ) ( ) ( )inf

4

inf

4

2

2

2

2

TThATTA
dy
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dt
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cAt wallinwallwall +−++−+





















+−+=∑ σερ  (3-3) 

In the second part of the experiment, the heater was left on, the appropriate blower was started 

and the strut temperature was allowed to come to a steady state so the transient term of the energy 

equation was zero.  Using the heat input distribution calculated in the previous step, the only 

unknown was the convective heat transfer coefficient (h).  The heat transfer coefficient was then 

expressed in dimensionless form as a Nusselt number, 
k

hL
Nu = , with the conductivity of air (k) 

taken at the freestream flow temperature.  For the flow outside the strut, the length scale was the 

strut chord length (L), while for the flow inside the strut the length scale was based on a 

development length (y).  The concept of the development length is discussed in more detail in 

Chapter 4. 
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3.8 Predicting and Modeling Wall Temperatures 

The last round of testing described in Section 3.4 involved using hot primary flow to heat the 

outside of the strut, while cool secondary air was drawn through the inside of the strut.  Actual 

temperature distributions under various sets of flow conditions were then measured using an IR 

camera.  This data was used both for comparison with CFD, as well as to validate the results of 

the single sided heat transfer experiments described in the previous section.  This section 

describes the model used to carry out this validation. 

Figure 3-16 shows the various modes of heat transfer affecting the net heat flux through the strut 

wall at steady state when the two sides were exposed to different temperature flows.  The terms 

include convection on both sides of the wall, conduction through the wall thickness, lateral 

conduction, and radiation leaving and entering both sides of the wall.   

 

Figure 3-16: Sources of Heat Transfer in the Strut Wall 
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Given all of these modes of heat transfer, it was possible to construct several models of the wall 

temperatures and compare those models to see the relative magnitude of the effects of each term.  

The simplest of these models considered a thin wall with the only mode of heat transfer being the 

convection on both sides of the wall.  The steady state energy balance for this model is written as 

Equation (3-4), and given hot and cold fluid temperatures and convective heat transfer coefficient 

distributions on both sides, the wall temperature could be obtained directly for every point on the 

strut surface.   

( ) ( ) 0=−−− ColdWColdWHotHot TThTTh  (3-4) 

 

Calculating the heat transfer coefficients required some modeling, however, as the Nusselt 

numbers obtained from the single sided experiments were conducted under a different set of 

conditions from the experiments with hot primary and cold secondary flow.  The present study 

was limited to low Mach number, incompressible single phase flow, so the Nusselt number 

distribution was a function of Reynolds and Prandtl numbers only [67].  The effects of turbulence 

levels and structure were not considered because all tests were conducted on the same geometry 

on the same wind tunnel.  For the flow around the outside of the strut, the effect of Reynolds and 

Prandtl number on both the shape and the magnitude of the distributions was determined using 

two-dimensional CFD simulations described in Appendix B.  Nusselt number distributions were 

obtained for flows with the same Prandtl number at three different Reynolds numbers.  A power 

law type relationship between the distributions was assumed - that is, given a distribution 0Nu  

obtained at a Reynolds number 0Re , a new Nusselt number distribution Nu  could be obtained 

at a new Reynolds number Re  using the relationship 

n

NuNu 







=

0

0
Re

Re
.  The implicit 
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assumption here was that the Reynolds number affected only the magnitude of the distribution 

and not the shape of it, and this assumption turned out to be reasonable based on the results of the 

CFD.  The CFD data was used to calculate an exponent (n) of 0.8 for the flow around the outside 

of the strut.  The effects of Prandtl number were ignored because the change in Prandtl number 

was relatively small - from 0.71 at the lowest primary flow temperatures to 0.68 at the highest 

temperatures tested.  Additionally, changing the magnitude of the heat flux through the strut was 

shown to have orders of magnitude more effect on local Reynolds numbers than on local Prandtl 

numbers. 

For the flow inside of the strut, the results from the single sided heat transfer tests were scaled to 

the Reynolds numbers used during the primary hot flow and secondary cold flow experiments by 

calculating local Nusselt numbers based on a development length.  At each chord location, two 

coefficients obtained during the single sided experiment were used to calculate the Nusselt 

number as 
n

yy CNu Re= .  Local heat transfer coefficients were then calculated from the 

definition of the development Nusselt number as 
k

hy
Nu y = .  The extrapolation of Nusselt 

number in this way implicitly ignored three-dimensional effects associated with Reynolds number 

which, based on the analysis to be presented in Chapter 4, proved to be a reasonable assumption 

over the range of Reynolds numbers considered.   

The effect of conduction through the thickness of the wall was considered by including that term 

in the simple, convection only model, and introducing an inner and outer wall temperature.  The 

total heat flux through the wall was then expressed using three different equations: the two 

convective equations on either side of the wall, and the conduction equation through the wall.  

This created a system of three equations with three unknowns - heat flux (q), and two wall 

temperatures (TWH) and (TWC).  These equations are presented as Equation (3-5), and given the 
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same set of assumptions about Nusselt numbers as the convection only model, were solved 

simultaneously to obtain the inner and outer wall temperatures. 

( )
( )

t

TT
kq

TThq

TThq

WCWH

ColdWCCold

WHHotHot

−
=

−=

−=

 
(3-5) 

 

This through-wall conduction effect was ignored because the calculated temperature difference 

across the wall was very small.  The difference between the inner and outer walls was less than 

0.9% of the flow temperature difference for all cases - that is, for typical case with a 520°C 

primary flow and 25°C secondary flow, the temperature difference across the wall was less than 

4°C.  The uncertainty associated with assuming a single wall temperature actually less than 0.5%.  

For this reason, the wall was modeled as thin, and through-wall conduction effects were ignored. 

Although through wall conduction was neglected, a shell conduction model was used to test the 

influence of lateral conduction.  The exact steady state energy equation with convection and shell 

conduction shown in Equation (3-6) was discretized using first order central differences for the 

spatial derivatives, and solved using adiabatic boundary conditions at the perimeter.  Shell 

conduction had a much more significant effect on the temperature distributions than through-wall 

conduction, as it had the effect of decreasing predicted temperature gradients in both directions 

on the strut wall. 

( ) ( ) 0=−−−−−
dy

dT
ktdx

dx

dT
ktdyTTdAhTTdAh ColdWColdWHotHot  (3-6) 

 

Finally, the effects of radiation were considered by adding terms related to the radiation emitted 

and received by the outside of the strut, which as discussed in Section 3.6.2, was quite significant 

at high temperatures.  The radiation received by and emitted from the inside of the strut was 
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omitted from the analysis because the largest view factor for locations inside the strut was the 

opposite strut wall.  The calculation of the radiation exchange between these two surfaces would 

have required a detailed model of the temperature distribution on the pressure side of the strut 

which was not available.  Furthermore, while the two walls of the strut (pressure and suction) 

were certainly at different temperatures, the temperature difference between the two strut walls 

was much smaller than the difference between the strut and the main duct walls, so the exchange 

of radiation within the strut was small.  Equation (3-7) therefore includes only the emission and 

absorption of radiation on the outside of the strut.  This equation was solved numerically using 

the same approach as the shell conduction equation, except the radiation terms were linearized 

and iterations were performed until the wall temperature had settled to five significant figures. 

( ) ( ) ( ) 0444 =−++−−−−− WColdColdHotHotColdWColdWHotHot dATTFTFdA
dy

dT
ktdx

dx

dT
ktdyTTdAhTTdAh σεσε

 

(3-7) 

 

The effects of radiation were most significant at high temperatures, as expected.   

3.8.1 Comparison of Wall Temperature Models 

Three of the models described in the previous section (convection only, shell conduction, and 

shell conduction with radiation) were tested to compare the relative effects of each term.  The test 

case presented here was taken from the suction side of the strut at a 20° angle of attack, with the 

primary flow at 530°C and the secondary flow at 29°C.  Figure 3-17 compares complete contours 

of the predicted temperature distributions, while Figure 3-18 directly compares the spanwise 

averaged temperature distributions predicted by each model on the same set of axes. 
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Figure 3-17: Modeled Temperature Distributions on the Strut Suction Surface 
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Figure 3-18: Spanwise Average Modeled Temperature Distributions 

 

The spanwise banding in the convection only contours was an artifact of banding in the Nusselt 

number distributions on the outside of the strut due to the non-uniform input heat flux generated 

by the electric heating pad used during that testing.  A more detailed discussion of this banding 

effect will be provided in Section 6.4.  Adding the shell conduction model both smoothed this 

banding effect and reduced the modeled overall temperature gradient in the primary streamwise 
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direction.  Including radiation terms in this model resulted in a very similar contour, but as seen 

in Figure 3-18, the main effect of the hot walls of the primary duct were to raise the average 

temperature everywhere along the strut length, especially towards the trailing edge. 

Actual measured temperature distributions were intentionally omitted in Figure 3-17 and Figure 

3-18 because the intention was to choose a model based on minimization of error rather than the 

best agreement with the data.  A rigorous uncertainty propagation through these types of models 

was quite challenging, not only because of the many sources of uncertainty - the original Nusselt 

number estimations, the extrapolation of measured Nusselt numbers to new Reynolds numbers, 

and image registration to name a few - but also because estimating the magnitude of shell 

conduction and radiation terms in unknown flow conditions, when trying to decide which terms 

to neglect in a model, was inherently challenging.  With a view to minimizing uncertainty then, 

the model including both shell conduction and radiation terms was used for modeling throughout 

this work.  The largest source of uncertainty was estimated to emerge from the original Nusselt 

number measurements, and this resulted in a +/- 15% total uncertainty in the modeled 

temperatures. 
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Chapter 4 

Flow Inside the Strut 

The flow through the inside of the strut was studied both experimentally and computationally.  

Experimentally, velocity and pressure profiles were measured at the outlet of the strut fillet, while 

heat transfer rates were measured on the strut inner surface.  These measured quantities were 

compared to those calculated using CFD with realizable k-ε, k-ω SST, and SA  turbulence 

models.  Experimentally, the heat transfer testing was configured so that air was drawn through 

the strut from a stagnant, ambient atmospheric condition by connecting a collection plenum at the 

strut outlet to the intake of a variable speed blower.  Setting up the testing in this way made this a 

developing boundary layer type problem.  The characteristic parameters included Reynolds 

numbers based on both chord and development length, as well as Nusselt numbers based on those 

same lengths.  Testing was performed with a single heat flux value and five different flow 

Reynolds numbers. 

4.1 Problem Definition 

The cooordinate system used to describe the flow inside the strut was consistent with the system 

described in Section 3.1.1.  This system was included in Figure 4-1 for reference - the strut 

leading edge was at Z/c = 0, while the trailing edge was at Z/c = 1.  Flow passed through the strut 

from bottom to top in this figure, and Y = 0 was taken at the end of the inlet fillet radius - the 

grey shaded plane in Figure 4-1.  The pink shaded planes indicate the location of the weld seams 

in the strut construction, and therefore the limits of the collected experimental data.  The analysis 

of both CFD and experimental data in this section considered only data between these two planes. 
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Figure 4-1: Nusselt Number Distributions on Strut Inner Surface, SST model, ReC = 

4.44x10
5
 

Figure 4-1 shows that the heat transfer evolution through the strut was typical of a developing 

flow by plotting local Nusselt number distributions, with the Nusselt number based on the strut 

chord length.  The heat transfer was highest at the duct leading edge, and steadily decreased along 

the length of the strut.  Three-dimensional effects were also apparent, manifesting as the 

curvature in the contour lines.  There was some evidence of a vena contracta effect near Y=0, 

where the heat transfer rate in the centre of the strut locally decreased, although complete flow 

separation was not observed for any flow rate or turbulence model, or experimentally. 
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4.2 Heat Transfer Characterization 

Nusselt number distributions were calculated experimentally using the procedure described in 

Section 3.6.  The experiments were carried out for five flow rates, as tabulated in Table 4-1. 

Table 4-1: Flow Conditions Through Strut 

Mass Flow Rate (kg/s) ReC 

0.152 3.02 x 10
5
 

0.190 3.78 x 10
5
 

0.224 4.44 x 10
5
 

0.258 5.14 x 10
5
 

0.290 5.77 x 10
5
 

 

Figure 4-2 broadly compares the heat transfer calculated by the CFD to that observed 

experimentally by comparing streamwise averaged Nusselt numbers (based on the airfoil chord 

length) for three flow rates.  It was not possible to observe the entire strut surface with a single 

camera setup, so the camera was positioned in three different orientations to collect data over the 

leading edge, the mid-chord region, and the trailing edge.  The images from the mid-chord region 

overlapped slightly with the trailing edge images, and multiple observations of the strut were 

therefore available for 0.5 < Z/c < 0.55.  A comparison of the results in this overlapped region 

showed that the experimental data was quite consistent (see Z/c = 0.55 on Figure 4-2 and Figure 

4-3 (a)) - the two data sets overlapped quite nicely.  

CFD results in Figure 4-2 showed that the choice of turbulence model had a significant effect on 

the average heat transfer rates.  While the k-ω SST and the SA models predicted relatively similar 

mean Nusselt numbers at all Reynolds numbers, the realizable k-ε simulations predicted 10-20% 

higher heat transfer rates at all chord positions.  This significant difference in convective heat 
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transfer rates suggested a significant difference in boundary layer thickness, a topic that was 

addressed in more detail in Section 4.4.  Although the calculated magnitudes were different using 

the RKE model, the trend of the Nusselt number distributions was quite similar for all of the 

models - indicating that three-dimensional and secondary flow effects were relatively unaffected 

by the turbulence model choice. 
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Figure 4-2: Streamwise Averaged Nusselt Number Distributions Inside the Strut 

Colours indicate flow Reynolds number, line patterns indicate turbulence model, symbols 

are experimental data 
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In terms of comparing the CFD with the experimental results, the CFD predicted a much more 

uniform heat transfer distribution than was observed experimentally.  The strut was quite short 

(L/c = 0.72), and the prediction of the flow development and boundary layer interactions was very 

important. The inability of the CFD eddy viscosity models to calculate secondary flows described 

in Section 2.4 was evident at the leading and trailing edges, where all the turbulence models 

predicted a sudden decrease in Nusselt number, while the experimental data showed a moderate 

increase at the ends.  These secondary flow effects were small in this short strut, affecting roughly 

5% of the chord length at either end. 

There were several possible reasons for the differences in the uniformity.  Although the Reynolds 

numbers were quite low - considering the strut as a flat plate would suggest the boundary layer 

was laminar over much of the surface - the weld seams acted as boundary layer trips, and the 

boundary layer inside the strut was in fact fully turbulent.  The contours of Figure 4-3, which 

show local heat transfer distributions for a sample case, made it clear that the heat transfer was 

evolving two-dimensionally over the majority of the surface.  The suitability of a two-

dimensional power law type relationship of the form ( ) ( ) ( ) mZn

yy ZCZNu PrRe= , was confirmed 

in Figure 4-4, which compared the heat transfer from this strut to the heat transfer from an 

isothermal flat plate at two stations - Z/c = 0.3 and Z/c = 0.7.  These data sets were created by 

aggregating the streamwise data from all tests at each chord location - increasing the flow rate 

essentially served to extend the length of the curve by increasing the streamwise Reynolds 

number at each streamwise (Y) station.  
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(b) CFD, Realizable k-ε 

Figure 4-3: Sample Contours of Nuy from Experiment and CFD.  ReC = 3.02x10
5
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(a) Z/c = 0.3 
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(b) Z/c = 0.7 

Figure 4-4: Heat Transfer Development at Different Chord Locations 
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The curves in Figure 4-4 confirmed that the boundary layer was fully turbulent.  All the 

turbulence models, as well as the experimental data, showed that heat transfer along the strut 

roughly followed that of turbulent flow over a flat plate, and did not at all follow the laminar 

model.  The SA turbulence model predicted a very similar evolution rate to the flat plate model, 

while the RKE and SST models showed higher and lower evolution rates, respectively.  The 

experimental measurements showed some oscillation within each curve - a result of banding in 

the input heat flux generated by the electric heating pad.  The experimental data followed the 

turbulent flat plate model more closely at Z/c = 0.7 than at Z/c = 0.3, indicating that the evolution 

rate was influenced somewhat by the local strut thickness and the presence of the opposite wall's 

boundary layer. 

4.3 Heat Transfer Modeling 

It is typically possible to describe the heat transfer in a developing flow using a power law 

relationship - that is, ( ) ( ) ( ) mZn

yy ZCZNu PrRe= .  The present work considered only air with 

small temperature differences, and thus the dependence on Prandtl number could not be 

determined and Prandtl number effects were lumped into the constant term C.  The values of the 

coefficients of this equation were obtained at each chord location through a regression.  The 

uncertainty in the values of the coefficients was obtained at each location, and for each turbulence 

model and the experimental data, by performing multiple regressions on randomly selected 

subsets of the available data.  Considering the experimental data in Figure 4-4, for example, the 

values of the power law coefficients would be very different were one to draw a line through the 

bottoms of the oscillations or through the tops.  An estimate of the uncertainty was therefore 

obtained by performing 30 separate regressions on randomly selected sets of 30 data points from 
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the complete dataset, and taking the standard deviation of the resulting 30 sets of coefficients.  

The values of the coefficients reported in Figure 4-5 were therefore the values obtained by fitting 

curves to the complete dataset, while the uncertainty bars represent the standard deviation of the 

variation in the coefficients when fitting multiple curves to multiple random subsets of data. 

The root mean square (RMS) uncertainty for the curve fits in Figure 4-5 was also calculated as 

the root of the sum of the square of the differences between the observed Nuy and the value 

returned by the power law curve fit.  Using the exact coefficients calculated at each Z/c station, 

the CFD results were predicted by the power law relationship quite nicely, with an RMS 

uncertainty of 1.8%.  The predictions of the experimental data were noisier, with the Nusselt 

number predicted with an average uncertainty of 9%.  The largest uncertainties were in the 

corners of the strut (Z/c < 0.1 and Z/c > 0.9), where the uncertainty increased to 4% and 12% for 

the CFD and experiment, respectively.  In the central region, the uncertaintys were lower, at 1.2% 

and 6% for the CFD and the experiment.  This was consistent with the results of Figure 4-4, and 

confirms that the use of power law relationship to represent the heat transfer is reasonable for this 

data. 
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Figure 4-5: Power Law Model Coefficients for Heat Transfer Evolution 
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4.4 Flow Characterization 

The experimentally observed boundary layer development was compared with CFD simulations 

in Figure 4-6 for the ReC=5.14x10
5
 case, and was indicative of the results seen in all tests.  

Transverse profiles of velocity and static pressure coefficient were shown for five stations.  This 

data was taken from a plane just downstream of the filleted outlet, and hence the total length of 

the strut was slightly longer than the chord length.  The turbulence models predicted very similar 

velocity profiles, with only small differences in boundary layer thickness.  The CFD models also 

predicted some recirculation downstream of the fillet, while the experimental velocity 

measurements showed no such recirculation (this was also confirmed by visualizing the flow in 

this region with smoke).  This suggested that the CFD may have been overestimating the 

turbulent entrainment of the jet flow, and was understating the diffusion of momentum in this 

region. 

The pressure profiles of Figure 4-6 showed that the static pressure in the core of the flow was 

lower than in the boundary layer, a confirmation of the developing nature of the flow: streamlines 

were curving into the core of the flow and boundary layers were thickening.  The three turbulence 

models predicted very different values for the magnitude of the core pressure, with the SST and 

SA models most closely following experimental data.  The RKE model predicted a much lower 

pressure in the core region, suggesting that the predicted boundary layer growth rate at the outlet 

plane was much higher than for the other models tested. 

The slight asymmetry in the experimental profiles was attributed to a slight misalignment 

between the airfoil chord and the vertical axis of the traversing table.  The effect of this error was 

small and was neglected in the comparisons of the CFD and experimental profiles. 
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Figure 4-6: Velocity and Static Pressure Profiles at Strut Outlet 

Y-Axis = Z/c + Cp for Pressure, Z/c + 0.1*V/VBar for Velocity.  Data shown across strut 

outlet width at Z/c = 0.1, 0.3, 0.5, 0.7, 0.9 
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4.5 Conclusions Regarding the Inside of the Strut 

Results showed that the Nusselt numbers through the inside of this short strut could be modeled 

within 10% using a two-dimensional power law relationship.  Although the experimental data and 

each turbulence model produced different coefficients, as seen in Figure 4-4, the power law form 

was reasonable for all cases.  No conclusions were drawn about the viability of extrapolating 

Nusselt numbers beyond the tested range or Reynolds numbers, however the data does appear to 

be following a power law trend. 

The RKE model predicted Nusselt numbers 10-20% higher than the other models or experiment.  

This, along with the significantly higher pressure gradients suggested that the RKE model might 

be unsuitable for this type of developing flow.  A comparison of CFD with experiments suggested 

that the SA or SST models would be the most appropriate for this type of flow. 
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Chapter 5 

Wind Tunnel Flow Characterization and Development 

Characterizing the flow generated by the hot gas wind tunnel (HGWT) was important because of 

the unique flow conditions this wind tunnel produced.  Conventional wind tunnels typically use a 

settling chamber fitted with number of screens and honeycombs to reduce turbulence intensity 

and length scales in the flow before the flow is accelerated through a nozzle to the test section.  

The HGWT was somewhat unconventional.  Instead of screens and honeycombs, the settling 

chamber of the HGWT contained a large natural gas burner and a number of baffles to ensure 

complete mixing between the combustion products and the dilution air.  It was not possible to 

permanently install screens and flow straighteners in the settling chamber because of both 

degradation of the screens at the high flow temperatures (up to 550°C) and the safety risks 

associated with the imposition of additional flow restriction (flame blowout and excessive 

combustion chamber pressures).  The lack of flow conditioning devices in the HGWT meant that 

the turbulence level, length scale, and anisotropy were uncontrolled.  The effects of the flow 

conditions were tested by temporarily installing a 6" long section of 1/4" cell aluminum 

honeycomb 8 exit diameters upstream of the wind tunnel outlet (5 diameters downstream of the 

settling chamber) and measuring the flow through the rig both with and without the straightener 

installed.  Most testing was done with cold flow (flow temperature ~35°C) with the burner off. A 

single test was performed with the burner on, with a flow temperature of about 90°C, however 

hot flow testing with the honeycomb was ended after this single test due to degradation of the 

adhesive in the honeycomb. 
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5.1 Wind Tunnel Outlet Flow 

The cold flow at the outlet of the wind tunnel was measured both with and without flow 

straightening honeycomb installed.  Measurements were made along the horizontal diameter of 

the outlet.  Figure 5-1 shows that the velocity and turbulence profiles at the outlet were quite 

symmetrical, and that the main effect of the flow straightener was to reduce turbulence intensity 

levels in the core flow from around 5.5% to around 2.6%.  It should be noted that a uniaxial hot 

wire probe was used for these measurements, and therefore only one component of the observed 

fluctuations was measured. Turbulence intensity was calculated as 
W

w
TI

'

=  , and the turbulence 

kinetic energy was estimated from a single fluctuating velocity component as 
2'

2

3
wk = .  These 

expressions hold true only in regions of isotropic turbulence, so the confidence in the numerical 

values for turbulent quantities in the boundary layers was quite low.  The effect of the flow 

straightener on the anisotropy of the inlet flow was not measured, so the difference in turbulence 

levels shown in Figure 5-1 should be taken only as an indication that turbulence levels were 

reduced by the addition of honeycomb - it was not possible to quantify the difference given the 

available instrumentation.   
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Figure 5-1: Effect of Flow Straightener on Velocity and Turbulence Profiles at Wind 

Tunnel Outlet 

Flow conditions leaving the wind tunnel were also measured for hot flow to measure the thermal 

boundary layer, as well as to investigate any effect that the change in temperature might have on 

the velocity boundary layer thickness.  The work done by the blower created a relatively small 

(~10° C) stagnation temperature rise in the cold flow, meaning that a thermal boundary layer 

existed even for a cold flow.  The velocity and thermal boundary layer thicknesses for a 

nominally cold (ambient temperature) and for a 500°C flow are compared in Figure 5-2.  Velocity 

measurements were taken with a Pitot tube, and temperature measurements were made using a K-

type thermocouple with an exposed junction roughly 3 probe diameters downstream of the static 

pressure ports on the Pitot-static tube.  The results showed remarkably similar thermal boundary 

layers for the two flows, with both flows losing less than 1% of the added thermal energy through 

the insulated walls.  Heat loss was defined relative to atmospheric conditions as a percentage of 

the heat addition by the blower or burner - that is 
( )

( )∞

∞

−

−
−
∫

TTcm

dATTVc

inp

p

.
1

ρ
.  Velocity profiles were 

also quite similar for the two flows, although there was a slight asymmetry in the velocity profile 

for the hot flow, velocity was 1.9% higher on one side than the other.  The cause of this slight 
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difference was not investigated and its effect on the results was neglected, since it was quite far 

upstream of the test section.  Ultimately this testing revealed that the boundary layer development 

through the wind tunnel did not depend on the flow temperature; therefore the use of a constant 

Prandtl number to calculate the incoming thermal boundary layer thickness was appropriate. 
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Figure 5-2: Effect of Mean Flow Temperature on Wind Tunnel Outlet Boundary Layer 

Thickness 

Given these detailed measurements of the flow at the outlet of the wind tunnel, it was desirable to 

generate an internally consistent boundary condition for CFD simulations that matched the 

experimental conditions as closely as possible.  To this end, axisymmetric pipe flow simulations 

were used to generate data for a developing pipe flow at a Reynolds number of 5x10
5
 - the same 

Reynolds number used experimentally to generate the data shown in Figure 5-1.  The 

development length of the hot gas wind tunnel - that is, the distance from the end of the wind 

tunnel contraction to the wind tunnel outlet plane - was 13 diameters, so the boundary layer 

thickness in the CFD predictions at stations near the 13D plane were then compared to the 

experimental data shown in Figure 5-1.  Using the SST turbulence model, the simulated boundary 

layer thickness at a 15D development length was closest to the experimentally measured 

thickness, so the 15D plane was chosen as the representative development length. 
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The flowfield extracted from the pipe flow simulations was a partially developed flow, so the 

turbulence conditions at the 15D plane were sensitive to the choice of turbulence conditions at the 

inflow to the pipe flow simulation.  It was also necessary to develop two sets of inflow conditions 

to account for the different turbulence levels observed with and without the flow straightening 

honeycomb installed.  Two parameters were used to specify the turbulence levels in the pipe flow 

- a turbulence intensity level, which was related to inlet TKE levels, and a turbulent length scale, 

which was related to dissipation levels at the inlet.  In the absence of other information, the length 

scale for a well developed internal flow can be estimated from the hydraulic diameter as hD07.0  

[36].  In the hot gas wind tunnel, however, the length scale of the vortices shed by the baffles and 

the burner in the settling chamber were unknown.  They were certainly larger than hD07.0 , 

nearly on the order of the size of the obstruction, which would tend to decrease dissipation rates.  

Figure 5-3 shows the effect of using a variety of inlet turbulence intensities and length scales on 

the TKE profile at the 15D development length, and compares those profiles to the 

experimentally measured TKE profiles at this same station.  With the flow straightener installed, 

a 5% inlet turbulence with a conventional length scale assumption produced a very reasonable 

measured TKE level.  The turbulence level in the unstraightened flow was much more difficult to 

replicate using CFD, as increasing the inlet length scale tended to produce distributions with 

central peaks that were quite unlike the typical form of the distribution [68].  Increasing the inlet 

length scale by a factor of 2 did significantly increase mean turbulence levels; therefore a 15% 

inlet turbulence level with a length scale of hD07.0*2 was used for the unstraightened flow 

simulations.  For each experimental case that was simulated, a unique pipe flow simulation was 

performed with the mass flow, inlet temperature, and turbulence conditions set to match those of 
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the experiment.  Unique simulations were also performed for each turbulence model tested to 

ensure numerical consistency. 
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Figure 5-3: Simulated (SST) and Measured Cold Flow TKE Profiles at HGWT Outlet 

5.2 Flow Development Through the Test Rig 

A baseline for characterizing the flow development through the test rig was established by 

installing the test rig components on the wind tunnel one piece at a time, and traversing the outlet 

of each duct piece sequentially using a seven hole probe. When the test section was installed, the 
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airfoil was set at a 20° angle of attack, a configuration that was observed to experience moderate 

separation over the airfoil.  Based on string tufts attached to the airfoil, the flow was stalled 

downstream of 0.11c. A total of five traverses were therefore performed with no flow 

straighteners.  Axial velocity contours with secondary flow vectors are shown with vorticity 

contours that were derived from the same data. Streamwise (Z-wise) vorticity was defined as 










∂

∂
−

∂

∂

y

u

x

v
.  The cross sections that were traversed were (a) Round-to- Rectangular outlet, (b) 

Settling Duct Outlet, (c) Test Section Outlet (0.8c downstream of strut trailing edge), (d) 2.25c 

downstream of the strut trailing edge, (e) 3.45c downstream of the strut trailing edge. It should be 

noted that the results presented here do not reflect the influence of downstream obstructions on 

the upstream flow. The data was meant to illustrate the key flow features generated in each duct 

section, and how those features were transported through the length of the duct. 

It should be noted that three 3.02  mm (1/8”) diameter thermocouple probes, extending from the 

bottom of the duct to the middle, were installed very close to the outlet of the test section. The 

effect of these probes is seen most clearly in Figure 5-4(c), where both the momentum deficit and 

the vortex shedding from the tip were quite clear.  

The round-to-rectangular duct increased the flow area by a factor of 1.44. The adverse pressure 

gradients in this passage amplified secondary flows, as observed in Figure 5-4(a), where a 

significant rotation was observed in each corner. The experimental traverse grid was too coarse to 

resolve the pair of counter-rotating vortices that are formed in rectangular ducts, however the 

more powerful of the two circulations was observed in the data. A comparison with Figure 5-4 (b) 

shows that these rotations were suppressed by the constant-area settling section, indicating that 
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their magnitude at the outlet of the round-to-rectangular transition section was largely driven by 

the increase in flow area. 

    

(a) Round-to-rectangular Transition Outlet 

    

(b) Settling Duct Outlet 

    

(c) Test Section Outlet (20° AOA), 0.8c from Trailing Edge 

    

(d) Short Extension Outlet, 2.25c from Trailing Edge 

    

(e) Long Extension Outlet, 3.45c from Trailing Edge 

Figure 5-4: Velocity (Left) and Vorticity (Right) Contours and Secondary Flows at Test 

Piece Outlets 

The major flow features that were observed in these figures are indicated in Figure 5-5, which is 

the same data as Figure 5-4 (c). 
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Figure 5-5: Key Flow Features in Outlet Contours 

Figure 5-4 (c) shows the disturbance imposed by the airfoil on the mean flow. The airfoil, which 

was angled to direct the flow from right to left as viewed in the figure, caused both a momentum 

deficit in the middle of the test section and a deviation of the flow, pushing flow from right to 

left. An examination of the vorticity plot in (c), (ignoring the vortices shed from the 

thermocouples), shows the magnitude and location of the rotation generated at the wall-airfoil 

interface. The four vortices were located at the top and bottom of the duct, near the centre, 

however the angle of the airfoil caused the rotations to convect slightly to the left in the image. A 

comparison with parts (d) and (e) of the figure shows the decay of these features – especially by 

3.45 chord lengths downstream, these rotations had largely dissipated. The effect of the airfoil 

was largely dissipated as well, as the velocity wake was largely recovered, and the secondary 

flow vectors were again uniform. 

5.2.1 Round-to-Rectangular Outlet 

The round-to-rectangular transition section was a net diffuser, increasing flow area by a factor of 

1.44 through a length of 4 inlet radii - a length ratio chosen to achieve the maximum pressure 

recovery for the prescribed area ratio [69].  The response of the mean flow through this section to 

inlet turbulence was tested by measuring the flow through this section with and without the 
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straightening honeycomb installed.  Figure 5-6 compares data from these experiments at the 

midline (Y=0) of the major axis at the outlet to this section.  The results showed an inflection in 

the boundary layer shape for both cases, which is characteristic of the flow downstream of an 

adverse pressure gradient.  Overall, the main effect of adding the flow straightener was to thicken 

the mean velocty boundary layer at the major axis.  String tufts along the duct walls indicated the 

diffuser was operating in a state of transitory stall for both inflow conditions, though it was not 

possible to ascertain from this flow visualization whether the time averaged flow was attached or 

separated along the wall surface.  Regardless, the decreased boundary layer velocity indicated 

that when the straightener was installed, the flow was less frequently attached along the major 

wall. 
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Figure 5-6: Effect of Flow Straightener on Midline Velocity Profiles at Outlet of Round-to-

Rectangular Section 

The dependence of this boundary layer velocity on upstream separation was observed in some 

preliminary CFD simulations investigating the effects of inlet boundary conditions.  Figure 5-6 

also compares the results of two steady RANS CFD simulations with the SST turbulence model - 

one with the partially developed inlet condition described in Section 5.1, and one with a uniform 

inlet condition - that is, a zero-thickness inlet boundary layer (ZBL).  This ZBL condition 

increased streamwise momentum near the wall compared to the partially developed inlet 

condition.  The effect of this difference on separation in the round-to-rectangular section is shown 

in Figure 5-7, which visualizes wall shear stress contours (with regions of reversed mean flow 
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blanked) in this section.  Reversed mean flow was only observed when the partially developed 

inlet condition was applied, and this reversed flow drove the decreased edge velocity (relative to 

the ZBL case) in Figure 5-6.  Based on this, one effect of the flow straightener was to change the 

magnitude of the flow separation in the round-to-rectangular transition piece. 

 

(a) Uniform Inlet Profile 

 

(b) Partially Developed Inlet Profile 

Figure 5-7: Wall Shear Stress and Flow Separation in the Round-to-Rectangular Transition 
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5.2.2 Strut Wake 

The effect of the inlet flow condition on the flow around the strut was investigated by comparing 

measurements in the strut wake with and without the honeycomb installed.  Mean velocity and 

turbulence levels at the midline of the plane 0.8c downstream of the strut at a 20° angle of attack 

were compared in Figure 5-8.  Results showed that the strut wake was smaller and that the 

separation on the suction side of the strut was reduced with the flow straightener installed.  With 

the straightener, the width of the strut wake was reduced, the minimum velocity was increased, 

and the wake was convected further, indicating that more flow turning was achieved.  

Additionally, observation of tufts attached to the strut surface indicated that the point of first 

separation moved from Z/c = 0.11 with no straightener installed to Z/c = 0.26, confirming that the 

mean flow remained attached over more of the strut surface with the honeycomb installed.  TKE 

levels in the strut wake were also reduced by the honeycomb, confirming the magnitude of the 

recirculation was reduced. 
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Figure 5-8: Effects of Inlet Turbulence Level on Strut Wake at 20° AOA, 0.8c Downstream 

of Trailing Edge 
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Although reduced turbulence levels typically cause earlier separation along an airfoil, as 

discussed in the previous section, the installation of flow straightener changed the flow through 

the round-to-rectangular transition section, and those changes propagated downstream.  These 

differences were especially apparent in the shape of the test section wall boundary layer: with the 

flow straightener installed, this boundary layer was much thicker, and an additional bump was 

apparent in the TKE levels at the boundary layer edge, especially on the right side. 

Figure 5-8 also included results from two CFD simulations using the SST turbulence model.  The 

difference between these two simulations was the specification of the inlet boundary condition: 

both were specified using a prior pipe flow simulation, but one used low inlet turbulence (tuned 

to match the straightened inflow), and one used high inlet turbulence (tuned to match the 

unstraightened inflow).  Comparing the CFD with the experimental data, the results showed that 

the test section wall boundary layer thickness calculated by the CFD (using both sets of boundary 

conditions) matched that of the straightened flow quite well.  The bumps in the TKE profile at the 

innermost edge of the test section boundary layer were also present in both CFD calculations.  

Figure 5-9 showed that these bumps were remnants of flow separation in the round-to-rectangular 

flow section.  That the CFD calculations necessarily assumed all turbulence was isotropic, and 

that both the test section boundary layer shape and the remnants of the TKE produced in the 

round-to-rectangular section matched the experiments with the flow straightener so closely, 

suggested that while the flow straightener may not necessarily have been producing truly 

isotropic turbulence, the effect of the turbulence produced by the straightener was very nearly 

isotropic. 
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Figure 5-9: Duct Midplane Turbulent Kinetic Energy at 20° AOA, SST 

Considering only the experimental data with the straightener installed, Figure 5-10 showed there 

were still significant differences between the size of the wake predicted by the CFD.  The size of 

the wake calculated by CFD at a 20° AOA was significantly influenced by the choice of 

turbulence model.  The moderate separation condition was challenging to model correctly 

because of the sensitivity of the adverse pressure gradient to small differences in eddy viscosity.  

TKE in the wake was driven primarily by the size of the shear layer in the wake, which 



 

 93 

essentially scaled with the size of the velocity wake - so simply comparing the velocity wakes 

was sufficient for a first pass comparison of the models. 
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Figure 5-10: Effect of Turbulence Model on Wake Calculation at 20° AOA, 0.8c 

Downstream 

While the strut wake flow was very sensitive to the choice of turbulence model at a 20° angle of 

attack, the massive, nearly complete separation at a 30° angle of attack made the prediction of the 

wake somewhat less sensitive to the choice of turbulence model.  Figure 5-11 compared the 

velocity wakes 0.8c downstream of the trailing edge of the 30° angled strut, and showed that the 

width of the wake predicted by all the models was very similar, with small differences in the 

maximum mean reversed flow velocity indicating slight differences in the power of the calculated 

recirculation.  Another result of the massive separation was that the CFD solutions were quite 

insensitive to the inlet turbulence level - the wake predicted was nearly identical with the SST 

model with high and low inlet turbulence levels. The main difference was simply a slight change 

in the test section wall boundary layer thickness. 
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Figure 5-11: Effect of Inlet Conditions and Turbulence Model on Wake Calculation at 30° 

AOA, 0.8c Downstream 

Considering only the experimental data in Figure 5-11, the effect of the flow straightener on the 

test section wall boundary layer thickness was very similar to what was observed at a 20° angle of 

attack - with the straightener installed, the boundary layer shape was predicted quite well, while 

when the straightener was removed, the boundary layer was much thinner.  The size of the wake 

was also reduced slightly, with the higher turbulence levels and the anisotropic nature of the 

unstraightened flow causing the wake to recover more quickly. 
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5.3 Effects of Inlet Turbulence on Heat Transfer 

It was shown in previous sections that the condition of the inlet flow had a significant effect on 

flow through several areas of the test rig, including in the strut wake.  This flow analysis did not, 

however, consider the effect of the inlet conditions on surface heat transfer rates on the strut.  

With a view to the overall objective of this work - which was to study this heat transfer - the 

effect of the inlet flow conditions on strut temperature distributions was measured directly using a 

hot flow test similar to those to be discussed in Chapter 7.  With the strut at a 20° angle of attack, 

a primary flow at roughly 90°C was blown over the outside of the strut while ambient 

temperature air was drawn through the inside of the strut using a second blower.  An infrared 

camera was used to record the temperature distribution on the suction side of the strut.  This 

experiment was done with and without flow straightener installed, and the spanwise (Y-direction) 

averaged temperature distributions for these two tests are shown in Figure 5-12.  It was only 

possible to perform a single experiment with the flow straightener installed, as the adhesive used 

in the construction of the aluminum honeycomb had quite a low temperature resistance and 

continued exposure to elevated primary flow temperature was untenable. 
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Figure 5-12: Spanwise Averaged Suction Side Temperature Distributions at 20° AOA for 

Different Inlet Turbulence Levels 

Section 3.8 introduced the relationship between wall temperature and convective heat transfer 

coefficients.  A simple convection only model related the hot side heat transfer coefficient to the 

wall temperature as 
coldwall

wallhot

coldhot
TT

TT
hh

−

−
= .  In these tests, the cold side convective coefficient 

was constant because the flow rate was the same, and the hot and cold side mean flow 

temperatures were also constant.  The change in the hot side convective coefficient was then 

inferred from the change in the observed wall temperature - a hotter wall meant a higher hot side 
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convective heat transfer coefficient, and vice-versa.  The effect of the straightener was therefore 

to reduce the hot side convective coefficient by approximately 2-5%.  The difference was 

smallest at the leading and trailing edges, and largest where the flow was separated. It was not 

clear from the testing whether the main driver of this difference was the difference in mean 

turbulence levels or the difference in structure, although given the unsteady nature of separated 

flow, the increased heat transfer with the unstraightened inflow was likely due to increased vortex 

shedding associated with the high levels of anisotropy. 

5.4 Conclusions Regarding Wind Tunnel Performance and Flow 

Development 

Installing flow straightening honeycomb made it possible to generate turbulence that was not 

necessarily isotropic, but was close enough that isotropic turbulence models produced reasonable 

results.   Without the flow straightener installed, anisotropy in the mean flow not only directly 

affected the nature of the flow around the strut and the wake recovery, but also the flow in the 

upstream round-to-rectangular transition. 

A procedure for generating inlet boundary conditions for CFD modeling was developed.  

Internally consistent, partially developed flow profiles that replicated the experimental conditions 

were extracted from axisymmetric pipe flow simulations and applied to the inlet of the 

computational domain. 
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Chapter 6 

Flow Outside the Strut 

Chapter 5 discussed the effect of inflow conditions on the flow over the strut.  It was shown that 

RANS based CFD was not able to predict the development and propagation of the strut wake 

when the wind tunnel outflow was unconditioned; i.e. without flow straightening honeycomb, 

because anisotropic turbulence effects were significant.  It was also shown, however, that the heat 

transfer coefficient distribution on the strut surface was not dramatically affected by the inflow 

condition. 

Given this, the purpose of this chapter was therefore to investigate what inferences could be made 

from measurements taken with the unconditioned inflow.  These results were also compared with 

data from RANS based CFD simulations to investigate and to quantify the effect of the 

uncertaintys associated with the inlet conditions, and to determine whether the data from these 

simulations could be beneficial in an industrial setting.  All of the experiments in this section 

then, were performed with an unconditioned inflow, without the honeycomb installed. 

6.1 Reynolds Number Effects 

The influence of Reynolds number was tested by installing the airfoil at a 20° angle of attack and 

varying the overall mass flow rate by changing an orifice plate on the wind tunnel intake.  Three 

cold flow tests were performed at chord Reynolds numbers ranging from 2.6x10
5
 to 4.7x10

5
, and 

the influence on the flow in the strut wake was minimal. A comparison of the outlet axial velocity 

profiles at the duct midline is shown in Figure 6-1. The velocity profiles showed that Reynolds 

number had very little influence on either the width or the magnitude of the momentum wake 
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behind the airfoil for these experiments. Tufts showed that the point of first stall was unaffected 

by the Reynolds number, with the stall point being constant at 0.11c downstream of the leading 

edge. Overall pressure recovery, measured at the wind tunnel outlet, was also unaffected.  Based 

on the shape of the outlet velocity profiles, the consistency of the location of first stall, and the 

width of the momentum wake downstream of the strut, the flow around the strut was considered 

to be Reynolds number independent for the range of Reynolds numbers tested in the present 

work.  Heat transfer distributions, as described in Section 3.8, were, of course, sensitive to 

Reynolds number, but the wake flow field was not, and thus measuring heat transfer distributions 

at a single Reynolds number and scaling those distributions to other Reynolds numbers was a 

reasonable approach, since the form of the distribution was constant, only the magnitudes 

changed. 
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Figure 6-1: Reynolds Number Effects in Velocity Wake, 0.8c Downstream, 20° AOA 
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6.2 Effects of Angle of Attack 

The influence of the angle of the airfoil was investigated by installing the airfoil at 5 different 

angles of attack, ranging from 0° to 40° in 10° increments. Tufts were used to determine the 

location of first separation on the airfoil surface. At 0° and 10° AOA, the flow was attached over 

the entire airfoil surface. At 20° AOA, the first observed separation occurred at Z/c = 0.11 on the 

suction side, indicating a mildly separated condition. At 30° and 40° AOA, the flow was 

separated over the entire suction surface, indicating a massive separation condition. Although the 

resolution of the angle of attack adjustments was not sufficient to characterize the airfoil stall, the 

onset of first separation occurring between 10° and 20° AOA was consistent with observations in 

the literature of flow over unconfined airfoils. 

Wake traverses using the seven hole probe were performed at the 0.8c downstream plane for each 

angle of attack. For the 30° and 40° AOA, some complete flow reversal (atmospheric air entering 

the duct through the outlet) was observed in this plane, confirming that the flow was massively 

separated on the suction side. Figure 6-2 shows contours of axial velocity with secondary flow 

vectors, and derived in plane vorticity contours from the same data.  The secondary flow vectors 

in Figure 6-2 showed very little secondary flow downstream of the pressure (left) side of the 

airfoil. On the suction (right) side, the vectors were preferentially aligned, creating a net flow 

towards the pressure side (left). At 30° and higher angles of attack, where the flow was totally 

separated from the suction side, the wake circulated back into the centre of the duct from both the 

pressure and suction side. One effect of this net flow was to change the characteristic migration of 

the wall-airfoil interface vortices. At every angle of attack, four rotational vortices were observed 

in Figure 6-2, one originating from each wall-airfoil interface. The two vortices originating on the 

pressure side convected further and further in the direction of turning (left) with increasing angle 
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of attack, and remained relatively constant in size. On the suction side, while the centre of 

rotation of the two vortices also convected slightly further in the direction of turning initially with 

increasing angle of attack, the main influence of angle of attack was to stretch these vortices in 

the widthwise direction, while leaving their height relatively unaffected. 

The overall pressure loss through the system, shown in Figure 6-3 as the measured inlet static 

pressure coefficient, was observed to increase with increasing angle of attack. This increased loss 

was due to the airfoil stall causing an increased blockage effect. When the flow was completely 

attached to both airfoil surfaces, streamlines were always parallel to the airfoil, and the effective 

blockage was essentially constant, because the flow was being turned. When the flow separated, 

the effective blockage increased, and the velocity profile became much peakier (see Figure 6-4). 

The dump losses – that is, the kinetic energy in the exit plane, which was wasted in this 

application - were significantly higher at 30° and 40° AOA because the velocity profile at the test 

section outlet had much more prominent peaks, and therefore a significantly higher total outlet 

momentum for a given mass flow. Figure 6-4 shows these velocity profiles along the duct midline 

at the test section outlet. It is clear from this plot that at angles of attack up to 20°, the dump loss 

was relatively constant – the centreline momentum deficit was not accompanied by a dramatic 

momentum increase on the two sides. The backpressure increase seen in Figure 6-3 was driven 

largely by the increased blockage. At higher angles of attack, there was a much larger increase in 

backpressure with increasing angle of attack, and this massive increase was driven largely by the 

increased dump losses.  Confining the wake of the massively stalled airfoil with the constant area 

duct created a Carnot (constant area) diffuser downstream of the strut, which acted to reduce 

these dump losses and recover static pressure.  The reduction in dump losses is apparent in Figure 
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6-3, where the static backpressure is much lower for the flow with the wake confined in a short 

duct for a given angle of attack.   

(a) 0° AOA 

(b) 10° AOA 

(c) 20° AOA 

(d) 30° AOA 

(e) 40° AOA 

Figure 6-2: Velocity and Vorticity Contours for Different AOA, 0.8c downstream 

 



 

 103 

Angle of Attack

C
p

0 10 20 30 40

-0.2

0

0.2

0.4

No Outlet

Short Outlet

 

Figure 6-3: Effect of Angle of Attack and Wake Confinement on Inlet Backpressure for 0.8c 

(no Outlet) and 2.25c (Short Outlet) Confinement Lengths 

 

Figure 6-4: Axial Velocity Profiles on Duct Centreline at Different Angles of Attack and 

with 0.8c (solid lines) and 2.25c (dashed lines) Confinement Lengths 
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The flow over the strut was also simulated to compare with the experimental measurements of the 

wakes.  Simulations were completed using the SST turbulence model for angles of attack up to 

30° - beyond this the separation was massive and the strut acted as a bluff body.  Figure 6-5 

compared midline velocity wakes at the test section outlet plane, 0.8c downstream of the strut 

trailing edge.  As in Chapter 5, the CFD consistently predicted a larger and wider wake deficit 

than observed experimentally when the flow over the strut was stalled.  The wake at low angles of 

attack on the other hand, was relatively well predicted in terms of the width, minimum velocity 

deficit, and the flow turning. 
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Figure 6-5: Experiment and CFD (SST) Velocity Profiles for Different Angles of Attack 

0.8c Downstream.  Colours indicate AOA.  Lines are CFD (SST), Symbols + Thin Lines are 

Experiment 
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6.3 Wake Confinement Effects 

While Section 5.2 discussed the development of the flow through the test apparatus, it only 

considered the flow at the duct outlet, and not the effects on flow at upstream stations.  With a 

view to observing upstream changes in the flow when additional duct pieces were added, tufts 

were attached to both the strut surface and duct walls.  The tufts, pictured in Figure 6-6, were 

recorded on video and the extents of the stalled regions were identified as regions where the tufts 

fluttered.  Several rows of strings were installed to observe the wake width at several stations 

downstream of the strut trailing edge. 

 

Figure 6-6: Tufts on the Strut and Wall Surfaces, Viewed from Test Section Outlet 
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Figure 6-7: Turbulent Wake Widths for Different Angles of Attack 

The edges of the turbulent wakes were then compared in Figure 6-7 for different angles of attack 

and duct lengths. On the suction side of the airfoil, the wake at the trailing edge was convected 

slightly to the left by the mean flow. This effect was higher at 20° AOA, where the mild 

separation condition caused the streamlines to follow the airfoil shape more closely than they did 

under the massive separation condition observed at 30° and 40° AOA. On the pressure side at the 

trailing edge, the observed turbulent wake was even wider than the space physically occupied by 

the airfoil. This indicated that in addition to the turbulent energy generated by circulation in the 

stalled flow region, there was a significant amount of turbulent activity generated in the pressure-
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side boundary layer. The presence of the wall most obviously affected spread of the turbulent 

wake beyond roughly 1.5c downstream of the trailing edge, and especially on the suction side. 

The wake width at 30° and 40° AOA spread very close to the wall, and was therefore restricted 

and influenced by the wall boundary layer. 

On the pressure side, the wake remained slightly wider for the 40° AOA, and there was still a 

discernable difference between the 30° and 40° AOA wakes, so although the wall was probably 

playing a role in spreading of the wake, it had not totally confined wake diffusion in a way that 

eliminated all of the observed differences. 

The upstream influence of the outlet extension was small, and manifested itself only on the 

suction side. Turbulent wake spreading on the pressure side of the airfoil was unaffected by the 

installation of the outlet extension, whereas on the suction side, the width of the wake was 

increased by one string tuft for both 30° and 40° AOA when the outlet extension was added. 

CFD simulations of the duct with various lengths were then performed using the SST turbulence 

model. Computational domains corresponding to each tested configuration were generated and 

meshed using the cell sizes described in the grid independence section of Appendix C.  Unique 

sets of inlet boundary conditions were created for each case using the measured experimental 

inlet conditions. 

The results showed that upstream effects of adding additional sections were negligible - that is to 

say, the calculated profile 0.8c downstream of the strut trailing edge was nearly identical whether 

the domain included only that outlet piece, or included additional constant area duct sections.  

This was consistent with the findings of the tuft experiments discussed above, and led to the 

conclusion that the addition of downstream ducting did not influence the form of the upstream 

flow. 
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6.4 Heat Transfer 

The methodology introduced in Section 3.7 was used to measure the heat transfer from the 

outside of the strut by heating the strut surface with an electric heating pad.  A two step procedure 

was used to first measure the local heat input distribution, then to measure local convective heat 

transfer rate distributions using that data.  Experiments were performed at a single Reynolds 

number for four angles of attack to the mean flow - 0°, 10°, 20°, and 30°, and data was collected 

on the suction side of the strut only. 

6.4.1 Heat Input Validation 

The angle of attack was changed by removing the entire strut section and rotating it within the 

test section, meaning that the heating pad setup (the insulation, thermal paste, pad location, etc.) 

was the same for all tests.  Comparing the measured heat inputs between the four tests therefore 

offered an opportunity to confirm the registration of the images and the repeatability of the 

techniques.  Figure 6-8 shows the measured heat input from the 10° AOA case.  There are two 

main streaks where the heat input was highest and a smaller streak above and below, 

corresponding to the location of the wires in the heating pad.  There was also a region on the 

lower portion of the strut at the trailing edge where the contact between the heating pad and the 

strut surface was somewhat poor.  These features were typical of all the measured profiles.  
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Figure 6-8: Measured Heating Pad Input at 10° AOA 

The differences between the measured heat input in the four cases was quantified as both an 

average difference over the entire area and locally.  Using the 0° AOA data as a baseline, and 

omitting extreme (>50% difference) local outliers, the uncertainty in the average heat input was 

2.0%, 2.0%, and 1.7% for the 10°, 20°, and 30° cases, respectively.  Figure 6-9 shows the 

distribution of those uncertainties 












 −
=

ref

ref

q

qq
δ across the strut surface for the 10° case, and 

illustrates that the largest errors were local anomalies, mainly around the areas where the heat 

input was either very large or very small meaning that the main source of uncertainty was the 

registration of the image to the strut itself.  For each test, the transient and steady state image sets 

were collected without moving the camera, however, so these registration uncerttainties did not 

affect the accuracy of the calculation of heat transfer coefficients.  
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Figure 6-9: Differences in Measured Heat Input at 0° and 10° AOA 

6.4.2 Heat Transfer Coefficient Measurements 

Given the measured heat input distributions, the Nusselt number was calculated from the steady 

state temperature distributions observed with the blower running.  Nusselt number contours over 

the suction side of the strut surface are shown for different angles of attack in Figure 6-10.  The 

contours are quite streaky, with a 10-15% variation in local Nusselt number at any given 

streamwise station.  As discussed in the previous section, local heat input rates could vary by as 

much as 100%.  The effect of heat input rate on Nusselt number were investigated in Appendix B 

using CFD, and a doubling of the local heat input rate was found to change the Nusselt number 

by about 5% on the suction side.  This made the 10-15% variation observed experimentally quite 

reasonable, especially given that the CFD did not account for non-uniformity in heat input - only 

for different overall magnitudes of flux.  Although this banding made two-dimensional effects 

somewhat difficult to visualize, it is clear from the 0° and 10° cases that there was a reduced heat 
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transfer rate in the centre of the strut at the trailing edge when the flow was fully attached, as 

compared to the regions closer to the walls, where the wall-airfoil interface vortices acted to 

locally increase heat transfer rates.  In detached flow, however, the opposite phenomenon 

occurred - cool air from the pressure side was drawn into the suction side recirculation at the 

centre of the strut, and heat transfer rates were therefore elevated.  The Reynolds numbers (based 

on chord length) for the four cases shown ranged from 3.05x10
5
 to 2.95x10

5
, while the results 

were not corrected for Reynolds number effects, those effects were less than 1.5% over this 

range.  The experimental interrogation area was different for each angle of attack because of the 

fixed camera location and the curvature of the strut. 
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(d) 30° AOA 

Figure 6-10: Experimentally Observed Suction Side Nusselt Number Distributions at 

Different Angles of Attack 
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Suction side heat transfer coefficients at different angles of attack were compared by averaging 

the heat transfer coefficients in the spanwise direction, and plotting these average coefficients in 

Figure 6-11.  Flow separation effects were quite clear at 20° and 30° AOA, where the heat 

transfer dropped quite significantly in the separated regions, rising slightly at the trailing edge 

where cool air from the pressure side was drawn back into the suction side recirculation.  This 

effect was also apparent in the contours of Figure 6-10 - at 0° and 10° angles of attack, there was 

a decrease in local heat transfer at the midline of the trailing edge; while at 20° and 30° angles of 

attack, there was an increase.  In terms of regions of attached flow, heat transfer rates were 

highest where flow velocities were highest.  The highest observed Nusselt number was at the 

leading edge of the 20° case, where the flow had not yet separated and was accelerating around 

the leading edge.  This was confirmed by the steadily decreasing leading edge region heat transfer 

rates for the 10° and 0° cases. 
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Figure 6-11: Suction Side Spanwise Averaged Experimental Nusselt Number Distributions 

for Different Angles of Attack 
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6.4.3 CFD Heat Transfer Calculations 

The experiments to measure Nusselt number distributions were also simulated using CFD.  Mean 

Nusselt number distributions simulated using the SST turbulence model were compared to the 

measured coefficients described in the previous section in Figure 6-12 for all angles of attack.  As 

observed experimentally, the highest heat transfer rates calculated by the CFD occurred where 

attached flow velocities were highest, near the leading edge at a 20° angle of attack.  In the case 

of attached flow, the CFD showed the highest heat transfer rates at the leading edge, with a rapid 

drop in Nusselt number through the thickest part of the strut, followed by a more gradual decrease 

to the trailing edge.  Consistent with the experiment, heat transfer rates at a 10° angle of attack 

were higher than those at 0° angle of attack over the forward half of the strut, and lower over the 

trailing half.  In the case of separated flow, the CFD showed a sudden drop in heat transfer rates 

when the flow separated.  The CFD showed increasing heat transfer rates through the separated 

region, while the experiments showed relatively constant Nusselt numbers through this region.  

Overall, however, the agreement between the CFD and experiment was quite poor, except at a 

10° angle of attack, where the mean heat transfer rates were within 15% along most of the chord. 
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Figure 6-12: Suction Side Spanwise Average Nusselt Number Distributions 

Colours indicate AOA.  Solid lines are CFD (SST), Symbols are Experiment 

At 20° angle of attack, there was a significant discrepancy between the Nusselt numbers 

calculated from CFD and the experiment.  There were differences in both the dropoff in Nusselt 

number from the leading edge, indicating differences in the location of the separation point, and 

in the magnitude of the heat transfer rate in the separated region, indicating differences in the 

intensity of the circulation and the entrainment of air into that circulation.  The distributions in 

Figure 6-13 showed that while the choice of turbulence model could affect the position of the 

separation point, and that the RKE and SA models predicted the leading edge heat transfer more 

accurately than did the SST model, all of the models predicted very similar heat transfer rates 



 

 116 

within the recirculation.  This was an indication that the comparatively high heat transfer rates 

observed experimentally in this region were driven by anisotropic effects in the wake shear layer 

- with the anisotropy driving higher turbulent entrainment rates, drawing more air into the 

circulation increased heat transfer rates.  This increased entrainment in the circulation was 

consistent with the smaller velocity wakes observed experimentally (see Figure 6-5) than 

predicted by CFD - along with the cooler air, the higher entrainment rates also meant more 

momentum was diffused into the wake flow, and the velocity profile recovered more quickly in 

the experiments.  
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Figure 6-13: Effect of Turbulence Model on Suction Side Spanwise Average Nusselt 

Number Distributions, 20° AOA 
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The most significant differences between the heat transfer rates calculated by CFD and 

experiment, however, came at a 0° angle of attack.  While the CFD calculated steadily decreasing 

heat transfer rates from the leading to the trailing edge, experiments actually showed the highest 

heat transfer rates in the middle of the strut, around Z/c = 0.55.  Figure 6-14 showed that the CFD 

models were quite consistent in their predictions of the distributions, and that none of the 

turbulence models predicted anything resembling what was observed experimentally.  This 

indicated that the differences were mainly the result of the experimental flow conditions, 

especially considering the form of the observed Nusselt number distribution was inconsistent with 

the literature [70].  It should also be noted that the unusual form of experimental heat transfer was 

not simply an experimental uncertainty - the measured temperature distributions using hot 

primary flow that are discussed in Chapter 7 (see Figure 7-8) showed a similar form. 
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Figure 6-14: Effect of Turbulence Model on Suction Side Spanwise Average Nusselt 

Number Distributions, 0° AOA 

6.5 Modifications to Standard Turbulence Models 

While many of the discrepancies between the CFD simulations and experimental data were 

attributed to turbulence anisotropy in the wind tunnel flow, there were some other possible causes 

that were investigated as well.  Previous studies have shown, and in fact it can be demonstrated 

analytically [26], that coarse streamwise grid spacing typically used upstream of the area of 

interest near the inlet can lead to artificially high turbulent dissipation rates, resulting in CFD 

calculations with unphysically low turbulent viscosity levels in the flow entering the area of 
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interest.  A number of solutions to this problem have been proposed, the most promising of which 

was the use of a sustaining source term in the turbulent transport equations. 

As a preliminary step, however, a two-dimensional test case with the strut at a 0° angle of attack 

was run to investigate whether simply increasing turbulent viscosity throughout the domain could 

explain the unusual Nusselt number distributions observed experimentally.  Two test simulations 

were run using the standard k-ε turbulence model - one using the standard definition of turbulent 

viscosity,
ε

ρµ µ

2
k

CT = , and the other doubling the turbulent viscosity (μT) throughout the 

domain - that is, 
ε

ρµ µ

2

2
k

CT = .  While the results, shown in Figure 6-15, showed that 

increasing the eddy viscosity reduced heat transfer all along the strut, the change did not create an 

inflection in the profile, indicating that the difference between the CFD and experiment could not 

be attributed to grid-generated dissipation. 
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Figure 6-15: Effect of Increased Eddy Viscosity on Suction Side Spanwise Averaged Nusselt 

Number Distributions at 0° AOA 

The effect of sustaining source terms was investigated by simulating the flow around the strut at a 

20° angle of attack using the realizable k-ε model.  Based on the guidelines proposed by Spalart 

and Rumsey [26], source terms were added to both the TKE and ε transport equations.  The 

magnitude of the terms was 
24101 WxSk

−=  and 
c

W
xS

3
5105.4 −=ε , although the precise choice 

of values was not of particular interest.  The interest was rather whether the use of sustaining 

terms could change the form of the calculated distributions in a way that explained some of the 

differences with the experimental data.  Figure 6-16 showed that the sustaining terms had an 

effect on the mean flow, especially in the strut wake and the freestream.  Turbulent viscosity was 
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increased by between 10 and 30% through the core of the flow, however there was very little 

effect on either the velocity or turbulent viscosity profiles in the outer wall boundary layer.  That 

The lack of influence of a turbulence sustaining term inside the boundary layer was confirmed in 

Figure 6-17, which shows that the mean Nusselt numbers along the strut length were unchanged 

by the use of a sustaining term. 
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Figure 6-16: Velocity and Turbulent Viscosity Ratio Profiles with Turbulence Sustaining 

Terms at 20° AOA, 0.8c downstream 
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Figure 6-17: Suction Side Spanwise Average Nusselt Number Distributions with Turbulence 

Sustaining Terms, 20° AOA 

Lines sit nearly on top of each other as the difference between the two solutions was very 

small 
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6.6 Conclusions Regarding the Flow Around the Strut 

The results showed that unsteady effects and inlet anisotropy caused CFD predictions of heat 

transfer rates to be quite poor.  There was significantly more mixing in the strut wake observed 

experimentally than was predicted by the CFD, and this led to the much lower heat transfer rates 

in regions of separated flow than were observed experimentally.  At low angles of attack, the 

CFD was quite insensitive to the choice of turbulence models, while at high angles of attack, the 

RKE and SA models predicted the leading edge heat transfer more closely than the SST model.  

Attempts to increase turbulence levels, and therefore increase the turbulent viscosity calculated 

by the CFD did not have enough of an effect on the solution to be the cause of these 

discrepancies.  It was therefore concluded that grid-induced dissipation was not the cause of any 

discrepancies - but they were rather the result of the experimental inflow conditions. 



 

 123 

Chapter 7 

Combined Flow 

Previous chapters treated the flow around the outside of the strut and the flow through the inside 

of the strut separately.  This chapter considers the effects of coupling between these two flows by 

considering temperature distributions obtained when hot primary flow was blown over the outside 

of the strut while cool air was drawn through the inside.  The three-dimensionality of the 

temperature and heat transfer coefficients will also be addressed in more detail in this chapter 

than in previous sections. 

7.1 Modeling Temperature Distributions 

Section 3.8 described a number of models that could be used to predict surface temperature 

distributions, using knowledge of the convective coefficients on the inner and outer sides of the 

strut.  These models were tested using both CFD and experimental data.  Simulations and 

experiments were performed with both flows to obtain an observed temperature distribution. 

These observed temperature distributions were compared to distributions obtained using the 

models of Section 3.8 and data from single sided CFD and experiments.  The methodology used 

accounted for differences in Reynolds number between the single sided experiment/simulation 

and the combined flow experiment/simulation.  The Prandtl number was relatively constant for all 

cases.  Given that heat transfer is considered a function primarily of Reynolds number and Prandtl 

number [67], and those variables were controlled, any differences between the observed and 

predicted distributions were indicators of other factors, such as different turbulence levels, heat 

transfer altering the mean flowfield, or uncertainty in one or both sets of measurements. 
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7.1.1 CFD Simulations 

A total of three CFD simulations were performed with hot flow, each reflecting a set of flow 

conditions tested experimentally.  The main parameters of the simulations are summarized in 

Table 7-1.  Test cases were chosen to span three angles of attack, and to provide a range of both 

primary and secondary Reynolds numbers, as well as a range of primary flow temperatures.  All 

of the simulations were performed using the SST turbulence model. 

Table 7-1: Flow Conditions for Combined Flow CFD Simulations 

Angle of Attack TPrimary (°C) RePrimary TSecondary (°C) ReSecondary 

0 86 2.35x10
5 

25 4.08x10
5
 

10 88 2.40x10
5
 25 5.78x10

5
 

20 529 1.29x10
5
 29 5.33x10

5
 

 

The results of the simulations were compared to predicted distributions using the results from 

Chapter 4 and Chapter 6.  Spanwise averaged temperature distributions are compared for all three 

cases in Figure 7-1.  The modeled temperatures compared very well to the temperatures simulated 

with the two-sided CFD.  There was a roughly 5% difference in the stagnation region, and there 

was some difference in the separated wake temperatures at a 20° angle of attack.  The effect of 

the heat transfer rate on the separated wake was visualized in Figure 7-2, which compared the 

size of the separated flow region (the line of zero wall shear stress on the strut surface) for the 

combined flow simulation with the simulation of the flow over the outside of the strut only.  The 

combined flow case had a higher net heat flux rate through the strut (40 kW/m
2
 out of the flow 

average vs 4.5 kW/m
2
 into the flow for the single sided simulation), which as described in 

Appendix B, delayed the onset of flow separation due to local Reynolds number effects, resulting 

in higher than predicted temperatures near the leading edge of the strut. The contour plots in 
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Figure 7-3 confirmed that this effect was mostly one-dimensional: the model predicted the two-

dimensionality of the contours quite well, and the delayed flow separation manifested itself 

mainly as a shift in those bands, rather than a change to their shape. 
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Figure 7-1: Spanwise Averaged Suction Side Temperature Distributions 

Solid lines are from Combined Flow CFD (SST) simulations, dashed lines are predicted 

based on decoupled (single sided SST) simulations 
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Figure 7-2: Effect of Combined Flow on Flow Separation Flow at 20° AOA 

Lines indicate contour of zero wall-shear stress.  SST Turbulence Model 
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Figure 7-3: CFD Based Suction Side Temperature Distributions, 20° AOA 

Observed distributions are from Combined Flow CFD (SST) simulations, Predicted 

distributions are modeled based on decoupled (single sided SST) simulations 
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Results ultimately showed that the temperature distribution could be predicted within 5% by 

using separate, decoupled simulations.  From a design point of view, this represented quite a 

significant reduction in simulation time.  The lack of coupling between the two flows implied that 

if one was interested in finding the effect of the angle of attack of the primary flow for some strut 

design, for example, it would be possible to simply calculate the flow through the inside of the 

strut once using a uniform heat flux boundary condition, and use the results of that simulation to 

generate a boundary condition that could be applied to simulations of the flow around the outside 

of the strut under different conditions.  

7.1.2 Experimental Observations 

The lack of coupling between the two flows observed using CFD also implied that the 

experimental temperature distributions could be used to confirm the accuracy of the single sided 

experimental heat transfer measurements using the heating foil.  Comparisons between the 

observed and predicted distributions at low primary flow temperatures, where the heat flux rates 

were similar to those added by the electric heater, were therefore used to confirm the accuracy of 

the experiments, while comparisons at higher primary flow temperatures were used to ascertain 

the effect of uncontrolled variables, such as the turbulence generated by the natural gas 

combustion.  Figure 7-4 compared the observed and predicted mean temperatures at a 10° angle 

of attack, with a primary flow temperature of  86°C.  The model predicted the temperature 

distribution quite well, confirming that the model worked when flow was attached along the 

suction surface. 
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Figure 7-4: Spanwise Average Suction Side Temperature Distributions, 10° AOA, 86°C 

Primary Flow Temperature 

Observed distributions are from Combined Flow experiment, Predicted distributions are 

modeled based on decoupled (single sided) experiments 

 

Agreement between the model and the observed temperature distribution began to break down 

when the flow stalled along the strut surface.  Figure 7-5 compared the experimentally observed 

and predicted temperature distributions at a 20° angle of attack for three different primary flow 

temperatures.  The model predicted much lower strut temperatures in the leading edge region, and 

importantly, a much smaller temperature gradient than was observed in the combined flow 

experiment.  The temperature in the fully separated region was predicted reasonably well at low 
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flow temperatures, but the agreement became worse as the primary flow temperature was 

increased to 525°C.  These differences were attributed to the high turbulence levels generated by 

the natural gas burner.  The short length scale turbulence generated by the combustion process 

was thought to have delayed flow separation as compared to the single sided electric heating tests, 

which increased heat transfer rates in the leading edge region, leading to higher strut 

temperatures. 
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Figure 7-5: Spanwise Averaged Suction Side Temperature Distributions, 20° AOA 

Colour indicates primary flow temperature. Solid lines are from Combined Flow 

experiments, dashed lines are predicted based on decoupled (single sided) experiments 
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The breakdown of the temperature modeling became very clear at a 30° angle of attack, where the 

model predicted significantly more uniformity than was observed with combined flow.  Figure 

7-6 shows mean temperature distributions with the strut at a 30° angle of attack, for a 525°C 

primary flow temperature.  Here the secondary flowrate was varied over a range of Reynolds 

numbers.  The differences between the predicted distributions and those observed in the leading 

edge region confirmed that the combustion turbulence was creating a more attached flow.  The 

model did however capture the effect of the varying secondary flow rates quite accurately, 

confirming that the modeling of the flow inside the strut was reasonable, and that the largest 

source of modeling uncertainty was in the determination of the Nusselt numbers on the outside of 

the strut. 
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Figure 7-6: Spanwise Averaged Suction Side Temperature Distributions, 30° AOA 

525°C Primary Flow Temperature Colour indicates secondary flow Reynolds number. Solid 

lines are from Combined Flow experiments, dashed lines are predicted based on decoupled 

(single sided) experiments 
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7.2 Effect of Radiation on CFD 

While the implementation of a radiation model in a CFD code is somewhat mathematically 

complicated, the equations of radiation are quite well understood.  Notwithstanding, industrial 

CFD calculations often neglect radiation, and the purpose of this section was to show the 

uncertainty associated with that common assumption.  The effect of radiation was tested by 

repeating the CFD simulations of the 10° and 20° angle of attack cases described in Table 7-1, 

with the addition of a surface to surface radiation exchange model.  Fluent was used to calculate 

view factors between every pair of surface elements.  Surface clustering was used to reduce the 

cost of this calculation, and the effects of blocking and intervening surfaces were included.  All 

walls in the domain were considered grey and diffuse, with an emissivity of 0.95.  The radiation 

temperature at the inlet was taken as the flow temperature, and at the outlet as the ambient 

temperature.  The contributions of the gas volume to emission, reflection, and attenuation were 

ignored. 

The mean temperature distributions along the strut were compared, with and without radiation, in 

Figure 7-7.  The inclusion of radiation resulted in a higher strut temperature at all points, with the 

largest effects being where the strut was coolest - in the 10° case, this was at the trailing edge; 

while in the 20° case, this was in the separated region.  This was an expected result - the strut was 

in a hot duct, so it was receiving more radiation than it was emitting, especially where the strut 

temperature was lowest.  The magnitude of the effect was mainly driven by the primary flow 

temperature.  The 10° angle of attack had quite a low flow temperature - only 86°C - so the effect 

on the surface temperatures was only about 2% at the coolest spot.  The 20° case had a flow 

temperature of 529°C, which resulted in a 10% wall temperature increase in the separated region.  
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In both cases, the inclusion of radiation served to decrease the calculated axial temperature 

gradient, although the effect was much more significant at higher primary flow temperatures. 
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Figure 7-7: Radiation Effects on Spanwise Averaged Suction Side Surface Temperatures 

Results from CFD (SST) Combined Flow simulations.  Colours indicate AOA.  Solid lines 

without radiation effects, dashed lines using surface to surface radiation model 

7.3 Comparisons of Experiment and CFD 

The results of the combined flow simulations described in Table 7-1 were compared to the 

corresponding experimental surface temperature measurements so that the CFD and experiments 

could be directly compared.  Previous chapters have discussed and identified the differences 

between CFD and experiment for the two flow streams separately, so the results in this section 

represent the sum of those two sources of differences, plus any additional differences resulting 

from coupling between the two streams. 
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Figure 7-8 compared spanwise averaged distributions for all three cases, and as expected based 

on the results of previous chapters, the overall agreement was quite poor.  At a 0° angle of attack, 

the experimental distribution showed the same unexpected characteristic shape as the measured 

heat transfer coefficients in Section 6.4.2.  At a 20° angle of attack, the differences between the 

CFD and experiment were again characteristic of the differences observed in heat transfer rates 

on the outside of the strut (see Section 6.4.3) - different separation points, as well as different 

distributions through the separated region. 
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Figure 7-8: Spanwise Averaged Suction Side Temperature Distribution Comparisons, CFD 

(SST) and Experiment 

Colours indicate AOA.  Solid lines from CFD, dash-dot lines from experiment 
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At a 10° angle of attack, Figure 7-8 actually showed reasonable agreement between the CFD and 

experiment - the distributions were within 10%.  The two-dimensionality of the surface 

temperatures for this case were compared in Figure 7-9, and showed that in addition to the 

average distributions having reasonable agreement, there was good agreement in the form of the 

distributions.  The angles of the contour bands near the leading edge were quite similar.  This 

spanwise variation in the temperature distributions was driven primarily by the development of 

the heat transfer rates inside the strut, and so similarities in the banding angles were an indication 

that, as was observed in Chapter 4, there was reasonable agreement between the CFD and 

experiment on the prediction of the heat transfer on the inside of the strut.
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Figure 7-9: Combined Flow Experimental  and CFD Surface Temperatures at 10° AOA 
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7.4 Additional Experimental Data 

Complete suction side temperature distributions were recorded for every combined flow 

experiment, however not all of this data has been presented in this Chapter.  This data is 

presented as contour plots in Appendix D with a summary of the relevant test conditions. 

7.5 Notes on CFD Simulation Convergence 

As a practical matter, obtaining numerical convergence for the combined flow was quite 

challenging at high angles of attack.  The flowfield around the outside of the strut was nearly 

symmetric about the Y-wise midplane, save for the differences flowing from temperature 

differences along the height of the strut caused by the flow inside it.  At 0° and 10° angles of 

attack, the solution of the flow around the strut converged to the expected (nearly) symmetric 

solution, however at 20°, symmetry deteriorated.  This solution, which is shown as Figure 7-10 

(b), was considered unrealistic because the experimental velocity profile at the test section outlet 

(Figure 7-10 (a)) was relatively symmetrical, and because the asymmetry could be flipped (that is, 

the reversed flow on the bottom instead of top) by using different initial conditions.  That the 

asymmetrical solution was deterministic indicated that the asymmetry was not caused by the heat 

transfer through the inside of the strut, but rather by numerical artifacts.  The problem was 

corrected by imposing an unusual additional boundary condition on the Y-wise midplane plane of 

the primary flow domain.  The fan boundary condition, which is typically used to impose an 

instantaneous pressure rise across a plane, was specified on this plane.  The pressure increase was 

set to zero on this plane, but velocity limiters were used to restrict the velocity crossing the 

symmetry plane to nearly zero.  All other equations remained unaffected.  This resulted in a much 

more reasonable solution, shown here as Figure 7-10 (c).  While the imposition of artificial 
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numerical limiters is never ideal, it was necessary in this case to obtain a reasonable solution.  It 

should be noted that this problem had also been experienced by industrial partners working on 

this problem at high angles of attack, and that the use of different turbulence models, meshes, 

solver settings, and solution procedures did not produce symmetrical solutions. 

 

(a) Experimental 

 

(b) CFD Asymmetrical 

 

(c) CFD Symmetrical 

Figure 7-10: Wake Velocity Contours at 20° AOA, 550°C Primary Flow Temperature , 0.8c 

Downstream 
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Chapter 8 

Conclusions 

The objective of this work was to determine whether it was possible to reliably calculate surface 

temperature distributions on an airfoil shaped strut using steady RANS models in commercial 

CFD codes with modest computational grids.  Results showed that steady RANS models did not 

accurately predict the temperature distributions observed experimentally.  A follow-on objective 

was to understand the reasons for the differences between the CFD and experiment. 

With respect to the follow-on objective, it was important to highlight the differences between the 

true flow physics and those assumed in the formulation and closure of the steady RANS 

equations, rather than to simply draw conclusions about relative levels of accuracy. For example, 

Section 6.5 demonstrated that doubling the turbulent viscosity had a relatively small effect on the 

solution relative to the difference between the CFD and experiment.  This implied that the main 

source of error in the CFD calculation was related to the isotropic turbulence assumption, rather 

than simply to the magnitude of the turbulent viscosity term calculated by the turbulence model.  

Concluding that anisotropic effects were significant in the wind tunnel flow was more meaningful 

than simply concluding that CFD under-predicted flow separation. 

This distinction in the approach to comparing CFD and experiment was especially important in 

the present work because of the significant role the wind tunnel outflow condition played in the 

evolution of downstream flow features.  To simply conclude, for example, that "CFD predictions 

of temperature distributions had some level of accuracy compared to the experiment", would be 

to ignore that by changing the upstream flow conditions, such as by replacing the wind tunnel 
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with a turbine, one could equally change the observed temperature distributions by at least that 

same amount. 

With this in mind, the conclusions in this section were grouped into several sections.  The 

Affirmations Section describes phenomenon that were well-defined and understood in the 

literature, but that proved to have significant effects on the results.   The Inlet Conditions Section 

describes the effects of inlet conditions on both CFD simulations and experiments.  The Heat 

Transfer Modeling Section addresses the measured and calculated heat transfer.  

8.1 Affirmations 

• Surface emissivity depends on view angle, and reflections can significantly affect 

measured temperature distributions.  Streamwise temperature gradients taken from an 

infrared image could change anywhere from 20-80% by accounting for directional 

emissivity and reflections. (Section 3.6.2) 

• Radiation is important when flow temperatures are high.  Accounting for radiation in a 

CFD calculation at a 500°C flow temperature caused a 10% temperature increase in the 

coldest regions, and almost no difference in the hottest regions of the strut, resulting in a 

reduction in thermal gradients. (Section 7.2) 

8.2 Effects of Inlet Conditions 

• Adding flow straightening honeycomb upstream of the wind tunnel exit changed 

turbulence levels significantly.  Turbulence levels in the wind tunnel outflow were 

reduced by as much as half when flow straightener was installed. (Section 5.1) 
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• When flow straightener was installed in the wind tunnel the eddy viscosity assumption 

was reasonable.  Without flow straightener, turbulence anisotropy reduced separation in 

the round-to-rectangular transition piece, which reduced the test section outer wall 

boundary layer through the test section, and the eddy viscosity assumption was not 

reasonable.  With flow straightener installed there was good agreement between 

experiment and CFD in the shape of the outer wall boundary layer.  Increasing freestream 

turbulence levels in CFD simulations did not change the shape of the boundary layer, 

confirming that this difference was driven by turbulence anisotropy, rather than simply 

mean turbulence level. (Section 5.2.2) 

• When flow straightener was installed in the wind tunnel, the choice of turbulence model 

was important.  Under  moderate separation conditions the size of the calculated wake 

was sensitive to the choice of turbulence model, and the range of Nusselt number 

distributions spanned by using a range of models included the distributions measured 

experimentally. (Sections 5.2.2, 6.4.3) 

• The tested inflow conditions had much more of an effect on the size of the strut wake 

than they did on the heat transfer on the surface.  Installing flow straightener affected the 

width and magnitude of the strut wake by as much as a factor of 2 but only changed heat 

transfer rates by 5%. (Sections 5.2.2,  5.3) 

8.3 Heat Transfer Modeling 

• The use of a two-dimensional power law relationship to describe the heat transfer inside 

the strut was reasonable.  Experimental data and CFD simulations were well described by 
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power law curves, and three-dimensional corner effects were not significant in this short 

strut. (Section 4.3) 

• The flow through the inside of the strut was modeled well using CFD.  SST and SA 

turbulence  models matched the experimental data very well in terms of mean heat 

transfer rates, evolution rates, and boundary layer growth rates at the outlet.  The 

evolution of the heat transfer through the inside of the strut was well described by the 

CFD.  This confirmed that the eddy viscosity model was reasonable for a flow drawn 

from a stagnant atmosphere. (Chapter 4, Section 7.3) 

• Provided the inlet turbulence conditions were the same for the hot and cold flows, it was 

possible to model the temperature distribution in combined flow using data from tests 

with heat transfer to a single side.  CFD data from single sided simulations, scaled for 

Reynolds number, could be used reliably to predict the temperature distributions on the 

strut surface in CFD of combined flow. (Section 7.1.1) 

• When the inlet turbulence was different for the hot and cold flows, it was not possible to 

apply such a model.  Turbulence generated in the natural gas burner was causing 

fundamental changes in the way the flow separated from the suction side of the strut at 

high angles of attack, which invalidated the use of heat transfer measurements made 

under a different flow condition. (Section 7.1.2) 

8.4 Final Thoughts and Recommendations 

The biggest factor affecting the temperature distribution on the strut was the condition of the 

incoming primary flow.  Differences in the outer wall boundary layer shape seen in CFD and 

experiment showed that the flow through the test section was significantly impacted by the  
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installation of flow straightener.  It was confirmed that differences between the CFD and 

experiment were influenced by anisotropy and other unsteady effects, rather than simply by the 

magnitude of turbulence, by testing a number of methods of artificially increasing the turbulent 

viscosity.  Simulations using increased inlet TKE, turbulence sustaining source terms, and even a 

simple doubling of turbulent viscosity were carried out, and while all of these changes impacted 

the solution in some way, none of them influenced the solution enough to account for the 

differences with experimental data. 

Simply put, steady simulations with an eddy viscosity model did not adequately describe the flow 

physics of the device tested in the Queen's HGWT.  The temperature distributions obtained 

through simulation did not match those observed experimentally. 

Moving forward, however, had flow straighteners and screens been added to the HGWT, and the 

length of pipe from the settling chamber to the test section been increased, it is quite likely that 

the CFD would have  matched the experimentally observed temperature distributions quite well.  

Previous studies have shown that the flow over an airfoil in a low turbulence wind tunnel can be 

calculated quite accurately using CFD, and the results of the present work showed that the flow 

inside the strut was predicted quite well. 

This work has highlighted the effect of inflow conditions on heat transfer in a relatively simple 

geometry.  The original objective of this work was quite straightforward - to investigate whether 

steady RANS based CFD could be used to model the temperature distribution on a strut.  The 

objective of immediate follow-on work, however, may be even more straightforward - to find out 

if the temperature distribution over this strut mounted on a wind tunnel is the same as the 

temperature distribution over this strut mounted on an engine exhaust.   
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Future work in this area should focus on experimentally characterizing the effect of inflow 

conditions on temperature distributions.  From an industrial perspective, follow-on work should 

focus on realistic engine conditions.  Comparing the temperature distributions observed in a real 

engine exhaust duct to those observed in a wind tunnel setting and comparing more detailed 

unsteady measurements of the flowfields would help to answer a relevant industrial question 

about the differences between wind tunnel and engine testing.  From an academic perspective, 

follow-on work should focus on improving the condition of the wind tunnel flow with well-

designed screens, honeycombs, and filters, and then comparing those low turbulence experiments 

with CFD calculations.  Such a project could provide useful guidance to exhaust system designers 

to more accurately bound the error associated with using steady RANS CFD models to design 

exhaust systems operating under ranges of engine conditions. 
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Appendix A 

Directional Emissivity Effects 

The geometry of the test article made it physically impossible to point the infrared camera 

directly at the strut without using a window.  To avoid the complications associated with 

correcting for the emission, reflection, absorption, and transmission through a window, the 

camera was instead pointed at the strut at an angle, with that nominal viewing angle varying with 

the angle of attack of the strut.  In addition to this nominal viewing angle, the strut surface was 

also curved, meaning that local surface normals further altered the local viewing angle.  View 

angle is known to affect surface emissivity [71], [72], and as such a relationship was developed 

between view angle and emissivity to allow for a full field emissivity correction in the collected 

images. 

The experiment that was performed to develop this relationship involved collecting images of a 

pot of boiling water.  The camera was pointed directly at the side of the stainless steel pot, as 

shown in Figure A-1, so that the view angle to the pot wall could be analytically determined 

based on the surface normals of a circle.  A sample image collected by the IR camera is shown in 

Figure A-2.  Data from the pixels in the boxed region was averaged in the vertical direction to 

create a mean apparent temperature distribution in the lateral direction. 
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Figure A-1: View of Pot from Infrared Camera 

 

Figure A-2: Sample IR Image of Pot Wall 
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The experiment was then performed three times, with an additional coat of stove paint added in 

between each experiment to confirm the number of coats required for complete coverage.  The 

pot was filled with boiling water, and the pot was allowed to come to a rolling boil for at least 10 

minutes for each test to ensure the mean wall temperature had approached an isothermal 100°C.  

Figure A-3 shows the apparent wall temperature variation with view angle, assuming the pot 

emitted as a blackbody.  The apparent wall temperature is about 5°C lower with only one coat of 

paint, meaning that at least 2 coats were required to obtain consistent coverage.  The observed 

wall temperature was, however, about 2°C lower than 100°C, meaning that the surface was not 

emitting as an ideal blackbody.  An apparent local emissivity was then calculated based on the 

total incident radiation received by the camera and assuming an isothermal wall at 100°C.  The 

apparent emissivity is shown for different view angles in Figure A-4. 
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Figure A-3: Apparent Wall Temperatures Assuming ε=1.0 
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Figure A-4: Apparent Emissivity Assuming TWall = 100°C 

Based on these results, a directional emissivity function was developed in two parts.  For view 

angles less than 40°, the emissivity was taken to be 0.95.  For view angles from 40° to 60°, the 

emissivity was calculated as a linear function of view angle, as 15.1005.0 +−= θε .  Data from 

points with a view angle of greater than 60° was ignored. 
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Appendix B 

Two-Dimensional CFD Simulations of Flow Over the Strut 

A two-dimensional CFD study was performed to efficiently study the effect of several parameters 

on the flow around the strut. The parameters studied included turbulence model constants, heat 

transfer magnitude, and Reynolds number. 

B.1 Meshing and Problem Setup 

A baseline computational domain was established using the same width as the experimental rig.  

The inlet to the domain was taken as the outlet of the round-to-rectangular transition.  The strut 

was in the same relative position as it was in the experimental rig, while the axial length of the 

walls were set to be the same as the short outlet case described in the experimental section - that 

is, the plane shown in Figure 5-4 (d).  A large outlet plenum was added to the end of the domain 

to allow recovery of the airfoil wake before reaching the boundary of the domain.  The 

computational grid was entirely structured.  An O-grid was used around the strut to control 

refinement of the boundary layer, as well as to increase the node density around the strut.  The 

grid was grown geometrically away from both the strut and duct walls, and cell spacing was 

uniform in all other parts of the domain.  The overall domain is shown in Figure B-1, while the 

mesh refinements made close to the airfoil are shown in detail in Figure B-2. 
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Figure B-1: Overall Mesh Design 

 

Figure B-2: Near Airfoil Mesh Detail 

The boundary conditions applied to the domain were relatively simple.  The duct walls were 

treated as no-slip and adiabatic.  The strut wall was treated as no-slip and either as adiabatic, or as 

a uniform heat source or heat sink, depending on the case.  A uniform atmospheric pressure was 

applied to the boundary of the outlet plenum.  Reversed flow entering the domain through the 

outlet plenum entered at 300K, and with uniform turbulence at an intensity of 1% and with a 
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length scale of half the outlet plenum width.  The inlet velocity profile was constructed by 

averaging the experimental data from the two-dimensional X-Y plane of data collected at the 

outlet of the round-to-rectangular transition - that is, the data presented in Figure 5-4 (a).  Data 

spanning 15% of the duct height about the midplane in the Y-wise direction was averaged and 

smoothed to create a profile that was applied to the inlet of the two-dimensional domain.  A 

uniform 7% turbulence intensity was used at the inlet.  The length scale was calculated from the 

hydraulic diameter of the wind tunnel, which was 0.22m.   

Second order discretization schemes were used for the spatial discretization of the governing 

equations.  Central differencing was used for pressure terms, while upwind schemes were used 

for momentum, energy, and turbulence gradients.  The mass and momentum equations were 

solved in a coupled manner, which greatly reduced the number of iterations required to achieve a 

converged steady state solution.  A pseudo-transient timestepping scheme, which applied global 

estimates of time derivative terms to each cell, was also used to improve convergence rates.  For 

most of the two-dimensional cases, this approach reduced the total number of iterations required 

to achieve convergence by a factor of at least 20 as compared to the SIMPLEC pressure-velocity 

coupling scheme.  The converged solutions obtained using the SIMPLEC and the pseudo-

transient coupled scheme were identical. 

Convergence was established using a combination of solution residuals and monitored solution 

properties.  The residuals were considered converged when they had leveled off and begun to 

oscillate, while solution properties were considered converged when their values were constant to 

six significant figures. 
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Fluid density was calculated using the ideal gas law, while viscosity, thermal conductivity, and 

specific heat capacity were all calculated by linearly interpolating a 35 point data set over a 

temperature range spanning the range of temperatures used during experiment. 

B.2 Grid Independence 

A comprehensive grid independence study was carried out using three turbulence models - the 

SA, k-ω SST, and realizable k-ε model with enhanced wall treatment.  For these cases, the airfoil 

wall was set as a heat source of 4500W/m
2
, the nominal heat output of the heating pads used in 

the experiments described in Section 6.4. 

The grid density was scaled by increasing the node density of a baseline mesh along each edge by 

a factor of 1.41 (~2
1/2

) to double the number of nodes.  Grids containing 150,000, 300,000, and 

600,000 elements were created using this technique.  The strut was set at a 20° AOA to simulate a 

moderate separation condition that would require a higher grid density on the suction side than an 

un-stalled condition.  This was done to ensure that the grid requirements established here would 

also be applicable to simulations at other angles of attack. 

Several parameters were monitored to ensure that the grid was sufficiently fine to resolve 

gradients in both the near wall regions and the main flow.  While this process was repeated for 

three turbulence models, results are shown here for the realizable k-ε  model only, as the three 

models gave very similar results.  Temperature, velocity, and TKE were compared in the wake of 

the airfoil in Figure B-3, while Figure B-4 compares the calculated static pressure, skin friction, 

and heat transfer coefficient distributions along the strut wall. 
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Figure B-3: Effect of Grid Density on Calculation of Strut Wake Properties for the 

Realizable k-ε  Turbulence Model 
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Figure B-4: Effect of Grid Density on Calculation of Strut Surface Properties for the 

Realizable k-ε  Turbulence Model 

The results showed that all of the grids calculated nearly the same strut wake, especially in terms 

of velocity and temperature distributions, where the results were virtually identical.  There was 

some effect, however, on TKE distribution in the highly turbulent wake immediately downstream 

of the strut.  Increasing the node count from 150k to 300k nodes changed the TKE by about 2.5%, 

while increasing it again to 600k further changed it by less than 1%.   

The calculation of static pressure and skin friction along the strut wall was also relatively 

unaffected by grid density.  The convective heat transfer was somewhat influenced by grid 
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density, though mainly on the leading edge, and more on the pressure side than the suction side.  

This suggested that a higher grid resolution was required for simulations involving heat transfer 

than for simulations involving isothermal flow. 

Considering the results shown above, the density used in the 300k element grid was chosen for all 

further simulations.  Changes in the monitored results observed by moving from the 300k to the 

600k element grid were mainly changes in local peak values: the form of the results and the 

calculated properties over the majority of the domain were unchanged.  Very similar results were 

obtained for simulations run on the same grids using the Spalart-Almaras and k-ω SST models.  

Based on the results, the Spalart-Almaras model could have even been considered grid 

independent at 150k elements, however for consistency and simplicity the 300k element grid was 

used for further simulations in this section.  In dimensional terms, the 300k element grid that was 

chosen had a first cell height of 0.03mm and a core cell size of 4 mm. 

B.3 Turbulence Model Comparison 

As reviewed in Section 2.2, RANS based turbulence models have been used extensively to 

calculate the flow over thin airfoils, with varying degrees of success.  The accurate calculation of 

separation on the suction side of the airfoil is quite challenging due to the fundamentally 

transitory separated nature of the flow.   Previous studies have shown that the k-ω SST [11], [9], 

realizable k-ε  [73], Spalart-Almaras [10], and v2f [9], [10] models are all capable of accurately 

calculating the flow around thin airfoils, with very few differences observed between the models 

up to the point of stall.  That said, the unsteady nature of separation made this a challenging flow 

to model, and any model could return a result that followed the experimental results more closely 

for a number of reasons [12].  For this reason, all of the models described previously were tested 

and compared in this work. 
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The simulation of flow over a conventional airfoil has been treated extensively in the literature, 

and the while results of these studies are certainly important resources to inform the approach to 

the present investigation, it was difficult to use conclusions from those studies to reject any 

models for inclusion in the present study.  The strut considered in the present work differed 

significantly from a conventional airfoil because of the radiused trailing edge. Even at a zero 

degree angle of attack, this sudden curvature caused flow separation at the trailing edge.  This 

caused the strut considered in the present work to have lower lift and higher drag coefficients than 

the conventional NACA 0020 profile on which the strut shape was based.   

The differences between lift and drag of a conventional airfoil and the strut considered in the 

present work were compared by performing simulations of the strut profile in a freestream flow.  

Using the same node distribution around the strut as determined in Section B.2, the domain was 

extended to be four times wider and twice as long, with periodic boundary conditions replacing 

the walls used previously.  The inlet to the domain had constant velocity and turbulence 

properties, set to match the centreline conditions and hence Reynolds Number of the grid 

independence study.  The strut wall was adiabatic, and the flow was therefore virtually 

isothermal.  Simulations were then performed using the SA, realizable k-ε , and k-ω SST models. 

The results were compared with theoretical lift and drag coefficients for a typical NACA 0020 

airfoil, which were computed using JavaFoil with the emperical Eppler [74] model for stall and 

transition modeling. 

The reduced lift and increased drag of the strut was apparent in Figure B-5, which showed that all 

of the models predicted a lower lift than a theory for a typical NACA 0020 airfoil and Figure B-6, 

which showed that the drag on the strut was always higher for a given amount of lift.  The results 

showed that the choice of turbulence model had a very significant effect on the maximum lift, on 
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the angle of attack where maximum lift was achieved, and on the drag.  At angles of attack below 

stall, the SA, realizable k-ε , and k-ω SST models calculated the drag within 5% of each other, 

though drag was different by nearly a factor of 2.   
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Figure B-5: Effect of Turbulence Models on Lift Calculation 
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Figure B-6: Effect of Turbulence Models on Drag Calculation 

The underlying reasons for the differences between the turbulence models were investigated by 

returning to the case that was used for determining grid independence -  the heated strut in a 

confined duct, at a 20° angle of attack.  This angle of attack was used because as shown in Figure 

B-5, this was predicted by all of the models to be a moderately stalled operating condition just 

beyond maximum lift.  Figure B-7 showed that the skin friction calculated by the SA, k-ε , and k-

ω SST models was virtually the same on the pressure side, with the main difference between the 

models coming on the suction side, where different separation points were predicted.  The 

difference in the location of the separation points was the main driver of the differences in the lift 

and drag polars.  
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Figure B-7: Skin Friction for Different Turbulence Models 

Previous studies have shown that k-ε  models tend to overstate the production of TKE in a 

stagnation region [75]-[77].  Without a corresponding increase in dissipation, this led to high 

levels of turbulence viscosity downstream of the stagnation point, which delayed the onset of stall 

relative to other models.  This was consistent with the results in Figure B-6, which showed the 

realizable k-ε  model predicting the latest separation. 

The production term in the TKE equation, for the k-ε  and k-ω models, was written as 

2

2

1





























∂

∂
+

∂

∂
=

i

j

j

i

Turbk
x

u

x

u
P µ  - that is, the product of the turbulent viscosity and the square of 

the mean strain rate.  These terms were compared for the different turbulence models in Figure 
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B-8 to Figure B-10.  The mean strain rates in the stagnation region were quite similar for all of 

the models, meaning that the overprediction of this production by the RKE model, which is 

clearly seen in Figure B-10, was driven primarily by the higher turbulent viscosity shown in 

Figure B-9. 

   

Figure B-8: Strain Rate Magnitude for (L-R) -  (a) Realizable k-ε  (b) k-ω SST (c) Spalart-

Almaras 
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Figure B-9: Turbulent Viscosity for (L-R) -  (a) Realizable k-ε  (b) k-ω SST (c) Spalart-

Almaras 
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Figure B-10: Production of TKE for (L-R) -  (a) Realizable k-ε  (b) k-ω SST 

The contours of strain rate in Figure B-8 also served to visualize the important shear layers.  The 

flow deceleration in the stagnation region caused a significant increase in the mean strain rate in 

this area.  In the wake of the strut, the most powerful shear layers occurred immediately 

downstream of the separation and reattachment points, where reversed flow in the recirculation 

zone was moving in the opposite direction to the freestream flow that was diverted around the 

strut.  Moving downstream from the separation and reattachment points, shear layers became 

thicker and their magnitudes decreased as the low momentum flow in the strut wake was 

reaccelerated. 
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Turbulent viscosity acts as a factor that was added to the diffusion term in the governing transport 

equations to model the effect of turbulence on the mean flow.  The magnitude of the calculated 

turbulent viscosity can therefore be thought of as a measure of the degree to which the turbulence 

affected the flow, both locally and globally.  In that sense, the turbulent viscosity contours in 

Figure B-9 served to visualize several differences in the effects of the turbulence calculated by 

the different models.  The turbulent viscosity calculated by the SST model was generally lower 

everywhere in the flow than both of the other two models. The SA model predicted quite a 

characteristically different contour from the realizable k-ε  and SST models, especially at the 

stagnation point, where RKE and SST produced a low turbulent viscosity bubble that was not 

seen at all in the SA calculation.   

There were also significant differences in the freestream flow: the RKE and SA models calculated 

much higher levels of turbulent viscosity in regions of freestream flow.  Increased turbulent 

viscosity increases diffusion rates, meaning that disturbances and shear layers were damped and 

diffused much more quickly than with the SST model. 

In the strut wake, the SST model calculated the highest levels of turbulent viscosity downstream 

of the recirculation, where the important physical mechanism generating turbulence was the 

vortex shedding from the strut body.  The RKE model, on the other hand, predicted the highest 

levels of turbulent viscosity between the shear layers and the outer duct walls, where the 

important physical mechanism generating the turbulence were high shear rates.  Physically, the 

characteristics of the turbulence generated through these two mechanisms, especially the length 

scale, would be much different, with the vortex shedding producing larger eddies.  Although 

experimental data was not collected to confirm these observations, the observation that these two 

models predicted characteristically different distributions of turbulent viscosity in regions with 
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different physical mechanisms driving turbulence suggested that the two models certainly 

predicted different effects of different types of turbulence. 

B.4 Turbulent Prandtl Number Effects 

It was observed during the experimental phase of the work that in the wake of the strut, the width 

of the high turbulent kinetic energy region was somewhat smaller than the width of the low 

velocity region, suggesting that the observed value of Prandtl number for TKE (σK) could be 

closer to 0.85 than 1 [55], which was the default value for the realizable k-ε  model.  The 

influence of this term on the solution was tested using the domain and boundary conditions 

described in the realizable k-ε  section of the grid independence study (Section B.2).  Simulations 

were performed with the turbulent Prandtl number for TKE set to 0.85, 0.9, and 0.95.  Results 

showed that the solution was quite insensitive to this parameter over the range of values tested, 

with the maximum change in local skin friction, pressure coefficient, and Nusselt numbers on the 

strut surface being less than 1%.  The effect in the strut wake was shown in Figure B-11 and 

Figure B-12, which show TKE and turbulent viscosity profiles taken 2.25c downstream of the 

trailing edge.  Decreasing turbulent Prandtl number flattened the profiles somewhat, with the 

peak values of TKE changing as much as 10%, and causing a corresponding change in local 

turbulent viscosity of as much as 20%.  Although these numbers were quite high, their maximum 

effect on the velocity magnitude in the same plane was less than 0.9%, and the width of the wake 

did not change.  The effect of turbulent Prandtl number for TKE was therefore not considered in 

the remainder of this work, and the default model coefficients tabulated in Section 2.5 were used 

for all other simulations. 
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Figure B-11: TKE Profiles 2.25c Downstream of the Strut for Different σk 
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Figure B-12: Turbulent Viscosity Ratio 2.25c Downstream of the Strut for Different σk 
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B.5 Effect of Heat Transfer Magnitude 

The effect of heat transfer on the mean flow was investigated by changing the heat input level 

through the strut wall while leaving all other boundary conditions constant.  Using the same 

domain and boundary conditions described in the grid independence study (Section B.2) with the 

realizable k-ε  model, the heat flux was varied from 36 kW/m
2
 out of the strut to 18 kW/m

2
 into 

the strut to investigate how the flow and heat transfer rates were changed.  Skin friction, pressure, 

and Nusselt number distributions are shown in Figure B-13 through Figure B-15, respectively.  

All of the curves were nearly identical on the pressure side of the strut, with the main effect of 

heat transfer coming on the suction side.  The skin friction plots showed the main effect of heat 

transfer was to move the separation point.  Relative to the baseline adiabatic wall case, adding 

heat promoted early separation, while removing heat from the strut delayed separation.  For the 

+4500W/m
2
 case, stall occurred at 0.43c ,while for the -4500W/m

2
 case, separation occurred at 

0.39c - indicating that the influence of this heat transfer was to shift the separation point about 2% 

of the chord length relative to the adiabatic case. There was very little change in the characteristic 

shape of the pressure and heat transfer coefficient distributions - the change in these distributions 

appeared as a translation and stretching of the characteristic adiabatic curve to account for the 

differences in the separated flow. 
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Figure B-13: Strut Skin Friction with Different Heat Fluxes 
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Figure B-14: Strut Pressure Distributions with Different Heat Fluxes 
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Figure B-15: Strut Convective Heat Transfer Coefficients with Different Heat Fluxes 

These differences were entirely a result of local variations in fluid properties caused by 

temperature changes.  An analysis of the Navier Stokes equations shows that if fluid properties 

are constant and the flow is incompressible, the energy equation is decoupled from the 

momentum and turbulence equations.  So the energy equation can be solved a posteriori and has 

no influence on the flowfield.  In the context of this section, then, had the present simulations 

been performed using constant fluid properties, the curves in Figure B-13 through Figure B-15 

would have been numerically identical and shown no effects from heat transfer.  Through 

dimensional analysis, and ignoring buoyancy and Mach number effects, the variation in these 

properties was described by the Reynolds and Prandtl numbers.  The influence of the heat transfer 

on these numbers was then characterized as their change relative to the baseline adiabatic case.  

Defining the local Reynolds number as 
µ

ρ DV
, and the local Prandtl number as 

k

c p µ
, the 
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percent change relative to the adiabatic case was then defined as 
0

0

Re

ReRe −HT
 and 

0

0

Pr

PrPr −HT
.  

Figure B-16 and Figure B-17 show contours of this percent change parameter for the 4500 W/m
2
 

heat input case.  This amount of heat addition caused less than 1% change in the Prandtl number, 

indicating that Prandtl number effects were not significant, and that the change in the separation 

point was a result of local Reynolds Number effects.  Upstream of the separation point, the 

addition of heat caused a local Reynolds number reduction of about 10%.  This caused an 

increase in the effect of viscous shearing forces, which increased the rate of flow deceleration in 

the boundary layer, and ultimately moved the separation point 2% closer to the leading edge for 

this particular case.   
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Figure B-16: Change in Local Reynolds Number for 4500 W/m
2
 Heat Input 
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Figure B-17: Change in Local Prandtl Number for 4500 W/m
2
 Heat Input 

B.6 Reynolds Number Effects 

The Reynolds number plays an important role in convective heat transfer.  While Nusselt number 

distributions around bodies typically scale with some power of Reynolds number [67], the 

Reynolds number can also affect flow separation in boundary layer flows, as well as the dynamics 

of flow deceleration at stagnation points.  This section investigates the effects of Reynolds 

number on the present work by calculating the heat transfer from the strut at different Reynolds 

numbers.  The strut was placed in a freestream flow at a 20° angle of attack - the same flow 

situation considered in the lift and drag comparisons in Section B.3, and the incoming flow 

velocity was varied to span the range of Reynolds numbers used in the heated strut experiments 

of Section 6.4 as well as the combined flow experiments in Chapter 7.  Cases were run at 

Reynolds numbers of 1.0x10
5
, 2.5x10

5
, and 3.7x10

5
.  Nusselt number distributions were 

calculated for each of these cases, and plotted in Figure B-18.  The characteristic shape of the 

curves were generally similar, with a maximum heat transfer rate in the stagnation region, a 
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relatively constant heat transfer rate on the pressure side, and a minimum heat transfer rate in the 

separated region of the strut.  
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Figure B-18: Nusselt Number Distributions at Different Reynolds Numbers 

At very high Reynolds numbers, when flow is truly fully turbulent, a power law relationship to 

describe the Nusselt number might look something like 
mncCcNu PrRe*)()( = .  In that 

equation, C is a constant term, which would vary with chord position to account for differences in 

heat transfer along the strut - between the stagnation the separated region, for example.  For air at 

moderate temperatures, the Prandtl number would be almost constant, and the effects of Prandtl 

number could also be lumped into that constant term.  Dividing the previous equation by a 
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reference case reduced the relationship to 

n

Nu

Nu








=

00 Re

Re
.  Using the three simulated cases, and 

choosing the Re = 2.5x10
5
 as the reference case, the value of n was determined by testing a range 

of values and choosing the exponent giving the minimum RMS uncertainty, defined as 

( )
∑

−
=

Samples

edSim

n

NuNu
RMSError

2

Pr .  For the data shown in Figure B-18, the predicted 

Nusselt numbers were within 10% of the simulated Nusselt numbers for n = 0.80.  The largest 

differences come in the stagnation region, suggesting that for the range of Reynolds numbers 

tested, the distribution was not entirely Reynolds number independent.  The experimental tuft 

results had suggested that the separation point did not move appreciably over this range of 

Reynolds numbers, and this was consistent with the results here - the uncertainty in the model on 

the suction side of the strut was quite low.  Overall, the results showed that scaling the Nusselt 

number distribution from a baseline case using a Reynolds number based power law model was 

reasonable for parts of the strut away from the stagnation region.  The implications of this were 

discussed in Chapter 7, when the measured heat transfer coefficients were used to predict the 

temperature distributions in combined flow.  
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Appendix C 

Three-Dimensional CFD Setup and Grid Independence 

Faithfully reproducing the governing equations is key to the efficacy of any CFD simulation.  A 

key part of adequately representing the continuous governing equations numerically is ensuring  

that the spatial discretization of the computational domain is sufficient to resolve all of the 

relevant features.  In the case of steady RANS based CFD, the grid refinement level must be 

sufficient to describe all of the mean flow gradients.  A solution is considered grid independent 

when the solution is unchanged with additional refinement of the domain.  This appendix 

describes the results of the grid independence studies performed on both the flow around the 

outside and the flow through the inside of the strut. 

C.1 Flow Outside the Strut 

A symmetrical computational domain describing the flow around the outside of the strut was 

discretized using a combination of O-grids and C-grids to build an entirely structured grid.  The 

grid design was parameterized to enforce a prescribed first cell height, core cell size around the 

strut, and plenum cell size.  The minimum grid orthogonal quality in any tested configuration was 

0.35, with 99% of cells having a quality of 0.9 or higher.  A symmetry plane was created in the 

X-Z plane at Y=0 to reduce the grid count.  The computational domain and slices of the mesh are 

shown in Section 3.5.1.  The boundary layer seen in part (a) of Figure 3-10 began at the inlet, and 

carried through the test section to the outlet plenum, where the boundary layer was wrapped 

around a rounded outlet surface and terminated at the inlet to the outlet plenum as seen in part (b).  

Doubling the size of the outlet plenum did not have any effect on the results inside the duct and 
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was therefore confirmed to be sufficiently large.  When the angle of attack of the strut was 

changed, the blocks defining the strut boundary layer were rotated with the strut, meaning the 

mesh appeared the same as in Figure 3-10 (b), but at a different angle of attack.  

As mentioned above, the Y=0 plane was defined as a symmetry plane, and so the boundary 

conditions on that plane were v = 0 and 0=
∂

∂

y
for all other properties.  The duct walls were 

adiabatic and no-slip.  The strut itself was split at the midpoint of the fillet, and the core of the 

strut plus the bottom half of the fillet was also defined as a no-slip wall, but a specified heat flux 

rate was applied to this surface.  The surfaces of the outlet plenum were defined as pressure 

outlets, meaning that a uniform, atmospheric static pressure condition was enforced.  Regions of 

reversed flow entered the domain at an atmospheric temperature with a 1% turbulence intensity. 

The treatment of air properties, spatial discretization of the governing equations, solver settings, 

and convergence monitoring were done in the same way as described in section B.1 for the two-

dimensional simulations. 

C.1.1 Grid Independence 

The grid independence study was performed on a case using the boundary conditions measured in 

the electric heating case with the strut at a 20° angle of attack.  This case was chosen for its high 

Reynolds number, inclusion of heat transfer, and moderate separation condition.  A grid capable 

of resolving the complicated features and gradients in this flow would also be capable of solving 

the other tested flows.  The geometry for this case was defined as the experimental rig with no 

outlet section - that is, the configuration shown in Figure 5-4 (c).  A constant area pipe with a 

length of 5D was added to the inlet to allow for downstream effects to propagate back into the 

inlet flow without being influenced by the inlet boundary.  A uniform mass flow rate of 0.7415 
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kg/s (half the experimentally measured mass flow) was applied to the semicircular inlet plane, 

with a uniform inlet flow temperature of 306K, turbulence intensity of 8%, and length scale of 

0.07*0.22m.  A uniform heat flux of 4500W/m
2
 into the flow was applied to the strut surface.  

The k-ω SST turbulence model was used for this study, since the two-dimensional study had 

shown this model to be the most grid sensitive. 

The study was performed in two parts.  A baseline configuration using the grid sizes for grid 

independence from the 2D simulations (0.03 mm first cell and 4 mm core cell, see Section B.2) 

was defined, and the effect of both first cell height and core cell size was studied.  The first part 

of the study focused on the first cell height, and the results of these simulations (which, for 

brevity, are not shown here) showed that the first cell height could be relaxed to 0.04 mm without 

affecting the solution.  The second part of the study used this new first cell height with core cell 

sizes of 4.75mm, 3.75mm, and 3mm.  The parameters of the tested grids are summarized in Table 

C-1.  Ultimately, the 3.75mm core cell size proved to provide the grid independent solution.  The 

most grid sensitive features of the flow were the calculation of the location of the stall point, and 

the magnitude of turbulent viscosity in the strut wake.  Figure C-1 shows that the location of the 

stall point on the suction side of the strut at the symmetry plane moved when the grid was refined 

from 4.75mm cells to 3.75 mm cells, but did not change with further refinement.  Figure C-2 

shows that this change in the location of the stall point had a discernable effect on the Nusselt 

number distribution in this region.  Figure C-3 shows that while the axial velocity on the 

symmetry plane, 0.8c downstream of the trailing edge was calculated to be nearly identical for all 

grid sizes, but that the turbulent viscosity did show a change in the characteristic shape.  

Ultimately, a 0.04 mm first cell height and a 3.75 mm core cell size were found to be the 
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minimum sizes to achieve grid independent solutions, and these sizes were used for all other 

simulations. 

Table C-1: Grids for Flow Outside Strut Grid Independence Study 

 Node Count (millions) First Cell Height (mm) Core Cell Size (mm) 

Grid 1 2.7 0.04 4.75 

Grid 2 4.3 0.04 3.75 

Grid 3 8.2 0.04 3.00 
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Figure C-1: Wall Shear Stress at Strut Midline 
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Figure C-2: Nusselt Number Distributions at Strut Midline 
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Figure C-3: Velocity and Turbulent Viscosity at Midline 0.8c Downstream of Trailing Edge 
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C.2 Flow Inside the Strut 

The grid independence study for the flow inside the strut was carried out using the SST 

turbulence at the highest Reynolds number tested experimentally to ensure that all subsequent 

simulations would also be grid independent.  A total of four near geometrically similar grids were 

generated using the architecture described in section 3.5.2.  Nominal cell sizes and node counts 

for the different grids are summarized in Table C-2. 

Table C-2: Grids for Flow Inside Strut Grid Independence Study 

 Node Count (millions) First Cell Height (mm) Core Cell Size (mm) 

Grid 1 1.4 0.0375 1.9 

Grid 2 2.8 0.03 1.5 

Grid 3 4.5 0.019 1.2 

Grid 4 7.9 0.019 0.96 

 

Grid independence was determined by comparing the calculated evolution of heat transfer 

coefficients for the different grids.  Figure C-4 and Figure C-5 show the streamwise heat transfer 

development curves at two chord locations, while Figure C-6 and Figure C-7 show the best fit 

power law coefficients for those evolution rates for each of the tested grids.  The results showed 

that the refinement level of Grid 3 was sufficient to resolve all of the important heat transfer 

features, and that further refinement did not affect the solution significantly.  Based on this study, 

all grids for the simulation of the flow through the inside of the strut were generated using the 

Grid 3 configuration. 
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Figure C-4: Streamwise Heat Transfer Evolution at Z/c = 0.3 
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Figure C-5: Streamwise Heat Transfer Evolution at Z/c = 0.7 
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Figure C-6: Power Law Exponents Describing Heat Transfer Evolution for Different Grids 
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Figure C-7: Power Law Coefficients Describing Heat Transfer Evolution for Different 

Grids 
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Appendix D 

Combined Flow Temperature Distributions 

This appendix presents the complete set of temperature distributions that were measured 

experimentally with combined flow conditions.  The combinations of flow conditions that were 

tested are listed in Table D-1.  The test parameters were designed to span a range of primary and 

secondary flow rates, primary flow temperatures, and angles of attack. 

Table D-1: Experimental Combined Flow Test Conditions 

Case 

Number 

Angle of 

Attack 

TPrimary (°C) RePrimary TSecondary (°C) ReSecondary 

1 0 86 2.35x10
5 

25 4.08x10
5
 

2 0 518 1.34x10
5
 25 3.99x10

5
 

3 0 527 1.32x10
5
 25 4.27x10

5
 

4 10 88 2.40x10
5
 25 5.78x10

5
 

5 20 89 2.36x10
5
 27 5.82x10

5
 

6 20 349 1.58x10
5
 28 5.56x10

5
 

7 20 529 1.29x10
5
 29 5.33x10

5
 

8 30 85 2.36x10
5
 23 5.71x10

5
 

9 30 285 1.71x10
5
 24 5.60x10

5
 

10 30 368 1.56x10
5
 26 5.51x10

5
 

11 30 503 1.31x10
5
 26 5.44x10

5
 

12 30 511 1.30x10
5
 28 3.94x10

5
 

13 30 510 1.29x10
5
 28 4.60x10

5
 

14 30 510 1.28x10
5
 27 5.92x10

5
 

 

The contours on the following pages show the observed temperature distributions over the suction 

side strut surface for each of the cases described above. 
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Figure D-1: Combined Flow Case 1 Suction Side Temperature Distributions (0 AOA) 
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Figure D-2: Combined Flow Case 2 Suction Side Temperature Distributions (0 AOA) 
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Figure D-3: Combined Flow Case 3 Suction Side Temperature Distributions (0 AOA) 
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Figure D-4: Combined Flow Case 4 Suction Side Temperature Distributions (10 AOA) 
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Figure D-5: Combined Flow Case 5 Suction Side Temperature Distributions (20 AOA) 

 

θ

0.75
0.7

0.65

0.6

0.55

0.5
0.45

 

Figure D-6: Combined Flow Case 6 Suction Side Temperature Distributions (20 AOA) 
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Figure D-7: Combined Flow Case 7 Suction Side Temperature Distributions (20 AOA) 
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Figure D-8: Combined Flow Case 8 Suction Side Temperature Distributions (30 AOA) 
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Figure D-9: Combined Flow Case 9 Suction Side Temperature Distributions (30 AOA) 

 

θ

0.45
0.4

0.35

0.3

 

Figure D-10: Combined Flow Case 10 Suction Side Temperature Distributions (30 AOA) 
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Figure D-11: Combined Flow Case 11 Suction Side Temperature Distributions (30 AOA) 
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Figure D-12: Combined Flow Case 12 Suction Side Temperature Distributions (30 AOA) 
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Figure D-13: Combined Flow Case 13 Suction Side Temperature Distributions (30 AOA) 
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Figure D-14: Combined Flow Case 14 Suction Side Temperature Distributions (30 AOA) 

 


